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ABSTRACT 

BORIOLO, G. R. Light steel framing façades: mechanical behavior of cementitious 

boards and numerical structural modeling for high building applications. 2021 (Revised 

version). Tese (Doutorado) – Escola Politécnica, Universidade de São Paulo, São Paulo, 

2021. 202 p. 

 

This work presents a framework to assess the mechanical behavior of lightweight 

façades in high buildings. This framework is based on the definition of a set of structural 

requirements for the steel frame structure, the fiber cement boards and their fixing 

system. These requirements have been proposed and verified considering both the 

ultimate and the serviceability limit states (ULS and SLS), and differentiating the global 

and local structural behaviors under wind loads action and hygrothermal dimensional 

variations. Design wind loads have been proposed based on a documental comparison 

of different international standards for wind action on buildings. The behavior of the 

boards and the screws was experimentally characterized in different conditions of 

humidity and aging. Several finite element models were created in ABAQUS to 

simulate the materials behavior and to predict the mechanical performance of the 

façade system. It has been verified that aging improves the ultimate strength of the 

fiber cement material, also moisture changes this material behavior by rising its ductility 

and degrading its final strength. The modeling strategy has been proven to be capable 

to provide decent results to predict the façade performance. It has been demonstrated 

that the XFEM and the Hashin bi-linear models have limits to simulate a fiber cement 

board. Moreover, the Concrete Damage Plasticity has been confirmed as a convenient 

formulation to capture the cracking mechanisms of the board, having a good fit, even 

in the post-peak behavior. The numerical results have shown that the fixing system 

definition is crucial to prevent cracks. Minimum edge distances must be respected to 

mitigate these risks, and the use of pre-drilling is helpful to avoid any stress 

concentration due to shrinkage. Numerical simulations have also been performed to 

define an optimized configuration for a 30-floor building façade considering a critical 

wind load. These simulations, in a specific and illustrative case, have resulted in studs 

of 200mm spaced at each 400mm and with non-winged screws at each 400mm.  

Keywords: light steel frame, lightweight facades, fiber cement, cracking modeling, 

numerical modeling 

 



 

 

RESUMO 

BORIOLO, G. R. Light steel framing façades: mechanical behavior of cementitious 

boards and numerical structural modeling for high building applications. 2021 (Revised 

version). Tese (Doutorado) – Escola Politécnica, Universidade de São Paulo, São Paulo, 

2021. 202 p. 

 

Este trabalho apresenta a estruturação de critérios para avaliação do comportamento 

mecânico de fachadas leves em edifícios altos. Esta estruturação consiste na 

definição de requisitos estruturais para a estrutura metálica, para as placas de 

fibrocimento e para o sistema de fixação. Estes requisitos foram propostos 

considerando os estados limites último e de serviço, além de diferenciar os 

comportamentos local e global do sistema submetido à ação do vento e aos efeitos 

de variação higrotérmica. Uma proposta de cálculo da carga de vento para diferentes 

alturas foi realizada a partir do comparativo entre diferentes normas internacionais de 

ação do vento em edifícios. As placas e os parafusos foram caracterizados em 

diferentes idades e condições de umidade. Modelos numéricos, em elementos finitos, 

foram criados no programa ABAQUS para simular o comportamento dos materiais e 

para avaliar a performance mecânica do sistema. Os resultados mostraram que o 

envelhecimento melhora o desempenho mecânico do fibrocimento, e pode ainda 

promover um ganho no desempenho do sistema ao longo do tempo desde que as 

fixações sejam corretamente projetadas. Por outro lado, a umidade é crítica para o 

material. A modelagem numérica mostrou-se capaz de simular corretamente o 

comportamento dos materiais. Algumas técnicas numéricas como o XFEM e o modelo 

de Hashin apresentaram limitações na modelagem da placa de fibrocimento. No 

entanto, o modelo CDP teve um bom desempenho nas diferentes situações avaliadas 

e mostrou-se conveniente para simular o material. Os resultados numéricos 

confirmaram ainda que a fixação das placas pode reduzir ou aumentar o risco de 

aparecimento de fissuras. Distâncias mínimas dos parafusos às bordas e o uso de pré 

furos devem ser considerados para reduzir estes riscos. Além disso, uma solução 

otimizada de fachada foi definida através de simulações numéricas indicado, no caso 

específico estudado, o uso de perfis com alma de 200mm espaçados a cada 400mm 

e com parafusos sem asa a cada 400mm. 

Palavras-chave: LSF, fachada leve, placa cimentícia, modelos de fissuração, 

modelagem numérica 
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INTRODUCTION 

Context and motivations 

Context 

Industrialization is a current demand of the construction sector in the Brazilian 

market. New production process, new materials and new construction technologies are 

demanded to increase productivity and to reach a sustainable chain. In addition, these 

new process can allow costs reduction and improve competitiveness1. The 

construction activity usually presents a productivity index lower than other economic 

activities. In Brazil, the civil construction productivity is estimated around 30% of the 

average productivity in developed countries.2 These best productivity results can be 

obtained by the combination of different factors such as cultural aspects, qualified 

workforce, R&D investments and the promotion of industrialized solutions. 

The proposal of new production processes to the different parts of a building is 

important to achieve the industrialization of the construction market. Among the 

different building subsystems, façades are pointed by constructors as a crucial one. 

The façade system design plays an important role, since it is the building image and 

due to its urban interaction.3 In addition, the façades are easily degraded once they 

are in direct contact and interaction with the external environment. 

Different authors stated the façades production process as the critical path on 

the construction planning 3; 4; 5. These same authors estimated that traditional façades 

represent around 9% to 15% of the global costs of the building construction. Despite 

being significant, the costs are difficult to control because the traditional production 

process also imply material loss, waste generation and low productivity 4; 6; 7. 

In this context, lightweight façades are becoming an interesting alternative to 

traditional masonry and concrete blocks. These façades, already largely used in North 

America and in Europe, presents a technological solution to improve building 

performance. Industrialized façades enable, in addition, cost savings, reduction of 

wasting and productivity improvement with the acceleration of the construction time. 

On the other hand, the introduction of a new system in the construction market 

always represents a change of paradigms and needs a cultural change to be fully 

accepted and adopted 3. Constructors and construction market specialists have 

noticed that the technical knowledge on lightweight industrialized systems are not 
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sufficiently spread in the Brazilian market yet.5 Even with a slow increase on the 

number of scientific and technical production related to this subject in Brazil, there still 

is a technical gap in terms of structural requirements definition, such as design loads 

prediction or durability assessment of materials and systems.3; 5; 8 

A proper design requirements definition, in order to predict and avoid 

pathologies, is important to ensure and to set a cultural confidence in a lightweight 

façade performance. However, the assessment of a complete façade system is not 

trivial. Composed by different materials, a façade is a complex subsystem and to 

ensure its performance and durability, it demands a proper characterization of each 

element and the prevention of a large list of possible pathologies such as crackings, 

fiber cement degradation, steel corrosion or fixings fatigue due to cylic loads. 

In Brazil, technical catalogues and even the few national standards related to 

lightweight systems are mainly inspired by the international experience with only a few 

of local return of experience in Brazilian sites. Among these rare public reports, 

Antunes (2010) and Handa (2019) presented the main pathologies observed in 

lightweight façades in Brazil 7; 9. They observed that cracking is the main damage 

related to the system, mainly over the joints, but also over the boards or even over the 

coating and finish systems. Even if the cracking process is initially an aesthetic 

problem, it may become a structural problem after its evolution over the years. 

The main reported pathologies in façades are related to the mechanical 

response of the system. As a system, the mechanical analysis of a lightweight façade 

must be done in a multiscale approach, simultaneously assessing materials 

performance and the behavior of their connections and assembled parts. Numerical 

tools, such as Finite Element Models, have been widely developed and applied on the 

evaluation of different materials, including crack and damage analyses. However, 

these technologies are generally driven and used to simulate high performance 

materials and rarely applied to assess a complete system, such as façades, or even 

their external boards or other components. 

Therefore, a scientific characterization of lightweight façades systems and their 

components is a helpful way to promote the reliability of these industrialized systems 

and to contribute to widespread the technical knowledge for a proper implementation 

of these façades. A better understanding of the system and of its mechanical behavior, 

including an appropriate numerical modeling and a review of some standards 
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considerations will help in the definition of design requirements, contributing to improve 

life-cycle of the systems and their components. 

Motivations 

The previously described scenario prompts a vast range of studies for 

lightweight façades systems. Working on this subject is endorsing a sustainable 

production process whilst improving quality in the civil construction. The 

proposal of a scientific methodology to support design requirements and technical 

assembly choices plays a double technical and economical role, contributing to 

ensure the reliability of these non-traditional systems and meeting the construction 

market demands by the promotion of an industrialized façade production process. 

Lightweight and dry constructions systems have already been implemented and 

widely used in Europe and North America. However, in Brazil, these solutions have 

been sluggishly implemented and there is still a gap to fulfill. Even if drywalls have 

consolidated their place on the internal partitions market, lightweight external façades 

are not among the first choices of constructors yet. As the implementation of these 

façades are still considered in phase of learning, technical supports and predictive 

models are requested to ensure performance, quality and durability of the system. 

The performance of an external façade system must be assessed by the 

verification of its structural stability, its mechanical strength, its water and air tightness 

capacity, its thermoacoustic behavior and the moisture and condensation risks on the 

system. Large displacements and cracking are important warning evidences of 

design deviations and degradation of each of those performance attributes, apart from 

thermoacoustic and moisture assessment. Therefore, a proper design must consider 

the limitation of those displacements and cracks over the complete system and on its 

components. This analysis can be held using numerical tools and the design 

parameters can be validated using these appropriate simulation models. 

The potential market that is starting to adopt lightweight façades solutions is the 

residential market, where high buildings are quite common, i.e. buildings with around 

25 to 30 floors. This application implies on façades subjected to important wind loads, 

despite the weathering exposition inherent to an external system. In case of lightweight 

elements, the wind action represents a significant risk if it is not properly predicted 

and the system is not appropriately designed to withstand these loads.  
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Furthermore, the weathering exposure submits the façade to hygrothermal 

loads, generated by heat-rain cycles. Moreover, in Brazil, fiber cement boards are the 

usual external sheathing board in lightweight façades. These boards may present, 

depending on their formulation and production process, a sensitive dimensional 

variation related to the heat-rain cycles and to their aging, such as an irreversible 

shrinkage caused by carbonation. This in-plane movement can lead to a 

progressive cracking over the boards, mainly near to fixing points. This cracking risk 

can be assessed in function of the constitutive law of the boards. 

To reduce structural risks on façades systems, the definition of the appropriate 

wind load magnitude and its correspondent structural design are indispensable, as well 

as the assessment of the fasteners mechanical behavior. In addition, the dimensional 

variation of the boards must also be considered, since it can modify the mechanical 

behavior of fixings and cause cracks, facilitating the pullout of the boards. 

The effects of these combined actions have not been broadly explored in the 

literature yet. Moreover, it can be found no or a few studies regarding the mechanical 

interaction between the fiber cement board and the façade frame subjected to wind 

and hygrothermal action. Reference standards recommend experimental tests and 

validation for each new configuration. It motivates the proposal of an assessment 

methodology based on numerical simulations to predict the mechanical behavior of a 

façade system and to validate some design parameters, such as profile dimensions 

and screw distances. 

Objectives 

General objective 

The main objective of this work is to postulate a design framework to assess the 

mechanical behavior of lightweight façades in high buildings. The façade design is 

based on the definition of structural requirements for the steel frame structure, the fiber 

cement boards and their fixing system. A numerical modelling strategy is presented to 

support the requirements validation through computational simulations.   

These requirements are proposed and verified considering both ultimate and 

serviceability limit states (ULS and SLS) and differentiating the global and local 

structural behaviors under wind loads action and hygrothermal dimensional variations.  
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The numerical modeling creation and the macro analysis of the façade system 

depend on several specific objectives that are proposed bellow and summarized in the 

Figure 1. 

Specific objectives 

 Understand the different typologies of façades and the main design parameters; 

 Set a framework of structural criteria to define the design wind loads; 

 Characterize the mechanical behavior of a fiber cement board, including aging; 

 Propose a numerical model to simulate the fiber cement board behavior, 

predicting cracks; 

 Characterize and simulate the fixing system behavior and the board-screw 

interactions before and after aging; 

 Assess the effects of dimensional in-plane variation on fiber cement boards, 

considering different boundary conditions based on the fixing behavior; 

 Propose a numerical model to simulate a façade panel submitted to wind and 

hygrothermal loads and validate some design parameters, such as profile 

dimensioning and screw distancing. 

Figure 1: Proposed framework of design requirements and thesis scope summary. 

 

Source: author. 

  



32 

 

Description of chapters 

This thesis is organized into six chapters, besides this introduction, general 

conclusions and suggestions for future researches. Each chapter presents a 

discussion with a specific literature review and an analytical, experimental or numerical 

analysis in order to define one step or input of the complete numerical model of a 

façade, as illustrated in Figure 2. 

Figure 2: Chapters scheme. 

 

Source: author. 

The first chapter presents what a Light Steel Framing (LSF) façade is, 

describing the different typologies and the main design parameters. The chapter shows 

a first pre-design definition of maximum loads considering different LSF stud profiles, 

fiber cement boards strength and screws spacing based on an analytical analysis, 

technical recommendations and national standards requirements. 

The main considerations on the definition of wind design loads on façades are 

exposed in chapter 2. Herein, local and global wind effects are presented through an 

international standard comparison and an analytical comparative case analysis. The 

chapter is concluded by a proposal of design wind loads (for SLS and ULS) for façades 

design, adjusting the current Brazilian code requirements. 
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The characterization of a fiber cement board is addressed in chapter 3, 

introducing its formulation basis as well as its production process. A theoretical and 

analytical formulation is presented to describe the mechanical behavior of these 

boards and the influence of fibers on the cementitious matrix. An experimental 

characterization focused on the tensile behavior of these boards is reported in order to 

set the constitutive curves of the material in different hygrometric conditions. Moreover, 

a durability analysis is held considering aging effects, such as carbonation, on the 

mechanical behavior of the boards. Finally, a literature definition of irreversible and 

cyclic dimensional variations magnitude is stated closing this chapter. 

In chapter 4, numerical models are introduced to simulate fiber cement boards, 

considering damage and cracking. Numerical analyses using the Abaqus formulation 

for the eXtended Finite Element Model (XFEM), the Hashin damage and the Concrete 

Damage Plasticity model are performed and compared with the experimental results. 

Advantages and disadvantages of each numerical strategy are presented for the 

definition of the tensile behavior parameters of fiber cement boards. 

Chapter 5 outlines the different fixing systems and their characteristics to fasten 

the cementitious board on the metallic frame. The influence of each of them in the 

fastening stiffness is introduced, and an experimental characterization is performed to 

assess the pull-through resistance of the fiber cement board using self-drilling screws 

with or without wings. Lastly, the chapter ends assessing, by numerical modeling, the 

effects of the dimensional variations on the board based on the different fixing stiffness. 

The sixth chapter defines the final modeling of the façade panel, and shows the 

results of several numerical simulations. Different techniques to model the structural 

frame are discussed in this chapter. In addition, the influence of board aging on the 

global behavior of the system is assessed. Therefore, the numerical performed 

analyses provide the definition of optimized screws and studs design configurations. 

After the chapters, general conclusions are postulated along with suggestions 

for complementation of this work and future researches. Here it is important to highlight 

that no joint treatment was studied in this work and no monolithic rendering or coating 

were neither considered; accordingly, the conclusions presented in this work cannot 

be directly extrapolated to those applications. 
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1. LIGHT STEEL FRAMING FAÇADES 

Numerical model input definition: Façade typology and geometry 

Light steel framing buildings, or LSF, are lightweight constructions structured on 

light cold-formed steel profiles with frame connection. The implementation of this 

construction system depends on the technical qualification of the different market 

players. Technical literature, national standards and labor qualification are essential 

elements to improve the development of LSF system on a national market. 3; 10 

The LSF system is being widely used in USA, Japan, New Zealand and in 

various countries in Europe. In UK and in France, for example, steel construction 

represents about 7% of the construction market of housing and residential buildings. 

LSF is used in almost 3% of buildings in those countries. 11; 12 

 In Brazil, reinforced concrete buildings or structural masonry represent 87% of 

the construction market. LSF constructions still represent a negligible amount on the 

market, less than 0,1%, but it is expected that they increase in the next years 13. The 

recent national economic problems have slowed down this growth, but constructions 

are restarting slowly. Residential buildings are the most important consumers of LSF 

profiles 8. However, the knowledge regarding dry construction systems has not been 

widely spread into the Brazilian construction market yet. 

A LSF system may be divided into three main subsystems: floor, walls and roof. 

The complete system is traditionally used in single-story buildings or low-rise multi-

story buildings. The LSF structure may provide stability for buildings up to 10 story 

height, depending on wind loading exposure 14. On high-rise buildings, however, the 

LSF system may be recommended for external façades, without any height limitation 

if properly designed. 13; 14 

LSF façades increase productivity and lead to a reduction of up to 3 months on 

the construction schedule when compared to traditional masonry in high buildings 4. In 

addition, LSF production reduces waste generation, water consumption and work-force 

on site. 4; 15; 16; 17 

Another benefit of LSF façades is the large portfolio of typologies, finishing 

system and modulation design choices allowed due to the flexibility of this system. 18 

This chapter presents the main LSF façade typologies, including the most used 

production processes, the finishing options and an overview on the most important 
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design parameters regarding the mechanical behavior considerations of the frame and 

their fixing systems. 

 LSF façades assembly – construction process and fixing typologies 

In high buildings, the light steel framing façade structure is a secondary structure 

assembled on the main structure. A façade panel may be classified as a non-load 

bearing wall if it is designed to be a self-supported structure resisting to cladding weight 

and wind loads. If the façade panel is additionally subjected to axial loads from floors 

or roof, it is classified as a load bearing wall. Lightweight façade panels on high rise 

buildings are usually designed as non-load bearing walls. 11 

The relative position of the façade structure to the main structure defines the 

system as an infill wall or as a curtain wall (also called over-sail or continuous wall). 

Figure 3 illustrates both fixing typologies. 

Figure 3: Lightweight façades fixing typologies: a) Infill wall and b) Continuous or curtain wall. 

  

(a) 

 

(b) 

Source: author. 

Infill walls are façade panels built between the floors of the main structure of 

the building. Usually these panels are constructed element-by-element, cut and 

installed on site, following the so-called stick-built process. The façade loads (self-

weight, cladding weight and wind loads) are transmitted directly to the main structure 

by the contact between the steel tracks and the slab. If there is a rigid connection 

(structural screws) between the metal frame and the main structure, the façade panels 

must absorb the vertical displacements of the slabs. To avoid these effects, decoupling 

the displacements, the upper track is connected on the studs without any restriction on 

vertical displacement. 17; 18 
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When the façade structure is assembled externally to the main building 

structure, it is called a curtain wall system. These walls are independent from the main 

construction, they are an external envelope to the building, as a skin façade. A curtain 

wall must be designed to be a self-supported structure, absorbing its own 

displacements, the self-weight and wind loads. The façade panels may be fabricated 

directly on site (stick-built process) or prefabricated in a factory and then assembled 

on site. The curtain façade is connected to the main structure by specific inserts bolted 

on the edge beams or on the slabs (in case of flat slab constructions). Figure 4 

illustrates the inserts connection on the main structure. These inserts are usually semi-

rigid connections allowing the vertical displacement of the façade frame and restricting 

its horizontal displacement. 17; 19  

Figure 4: Examples of inserts. a) Inserts on slabs. b) Inserts on edge beam. 

 
(a) 

 
(b) 

Source: a) Halfen Curtain Wall. b) author. 

Cardoso (2016, p. 88) classifies the façade production methods in three degrees 

of industrialization. The infill walling is on the first level of industrialization because this 

process still retains some aspects of handmade constructions. The continuous walling, 

assembled on a stick-built process is on the second level of industrialization, since the 

façade structure is more independent from the main structure and the production 

process is more optimized than the infill one. The third level of industrialization is 

achieved by the use of prefabricated panels, since the façade is completely produced 

in a factory by industrialized means. 3 

The construction market longs for the most industrialized solution available. 

Actually, curtain wall systems are desirable for allowing eventual vertical alignment 

corrections on the building or redressing geometrical heterogeneities of beams and 
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columns. However, curtain façades are more expensive than infill walls and their 

assembly process is more complex. 

 Façade typologies and finishing systems 

An exterior wall structured in LSF is a multilayer system, composed by different 

elements. Internal and external boards, weather resistive barrier, insulation, coatings, 

sealants and glass fiber meshes can be combined over the LSF structure, setting the 

complete façade system. 20 

Lightweight façade systems may be adopted either as the complete building 

envelope (a wall separating the interior and the exterior of the building) or as external 

wall claddings (mechanically fixed to external masonry or concrete walls, for example, 

in new or existing buildings). Figure 5 presents a standard design of a cladding system 

fixed on a concrete wall and a standard design of a complete building envelop. 21; 22; 23 

Figure 5 : a) Cladding system; b) Complete building envelope. 

 
(a) 

 
(b) 

Source: a) EAD 090119-00-0404, b) EAD 090120-00-0404. 

The design of both typologies must be able to ensure a correct mechanical, 

thermal and acoustical performance as well as be watertight, avoiding moisture 

problems. Different design solutions can be proposed to improve the thermal 

performance of the building and the moisture management on the façade system. The 

use of a ventilated air cavity on the façade composition is often adopted to permit the 

dry-out of the water that could penetrate by condensation or rain. A façade is called a 

ventilated façade when there are ventilation openings at the bottom and at the top 

edge of the system and if the ventilation air gap is at least 2 cm. A simplified schema 

of a ventilated façade can be seen in Figure 6. 24 
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The choice of the finishing system on an exterior wall is directly linked to 

aesthetic aspects of the building. Besides protecting the complete façade system, the 

finishing must fulfill durability and maintenance requirements. In some cases, the 

finishing system can also contribute to enhance the energetic performance of the 

building. Exterior sidings, in vinyl or fiber cement materials for example, can be used 

as a finishing. 

Figure 6 : Vertical section of a ventilated cladding system. 

 

Source: FVHF (Association for Materials and Components for Rear-Ventilated Façades). 

For coated finishing systems, the first choice will be the use of open or closed 

joints systems. In the case of closed joints, there are two different applications: Direct-

Applied Finish System (DAFS) and External Wall Insulation Systems (EWIS). In 

the first one (DAFS), the coating is applied directly over the external mineral board. In 

EWIS, also referred to as EIFS (External Insulation Finish System) or as ETICS 

(External Thermal Insulation Composite System), an external insulation board is 

included over the external mineral board and the coating is applied over the external 

insulation board. 25; 26 

The composition of both finishing systems are essentially the same. As shown 

in Figure 7, the typical components of the system are: 

 Internal gypsum board; 

 Metal frame structure; 

 Insulation – glasswool or rockwool for example; 

 Weather-resistive barrier, screwed on the metal frame; 

 External mineral board – fiber cement board, for example – fixed over the 

weather resistive barrier and fastened to the metal frame; 
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 Coating system: may be composed by a basecoat, a primer and a 

topcoat 

 Glass fiber mesh – embedded in the basecoat - usually used if the joint 

treatment or the basecoat is a cementitious based material 

Figure 7: Exterior wall finish systems: a) DAFS; b) EWIS. 

 
(a) 

 
(b) 

Source: author, adapted from EAD 040089-00-0404. 

In EWIS, the system additionally comprises an insulation board made on EPS, 

XPS, PU, foam plastic or other insulation material. This board can be mechanically 

fixed on the external mineral board by anchors or chemically bonded by specific 

adhesives. 25 

Table 1 summarizes the different classifications of a lightweight façade system 

according to its typology, production process and finishing system. It can be easily 

observed that different systems can be proposed and designed, and yet have a 

lightweight composition. 

Table 1: Lightweight façade classification. 

Construction process stick-built or pre-fabricated 

Fixing typology infill or curtain wall 

Functionality complete envelop or external claddings 

Ventilation ventilated or non-ventilated 

Finishing system siding; DAFS or EWIS 

Source : author. 

This work focuses on the behavior of a curtain wall, non-ventilated façade 

enveloping the building. However, modeling the different façades compositions quickly 
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become a rough task due to the several variables. For this reason, this study 

concentrates on assessing the mechanical behavior of the fiber cement boards and its 

fixations on the metal frame structure. No finish system was taken into account on the 

numerical models, even if it is known that coatings and joint treatments can play an 

important role on the design of these façade panels. A specific study need to be done 

for the design of those finishing systems or joint treatments, the behavior of these 

components can be properly considered to avoid any cracking risk on the system. 

 Design parameters 

The design of an LSF façade, in this work, consists on the mechanical design 

of the metal frame structure and its fixing systems, including the fixation on the main 

structure of the building and the board screwing on the frame. This way, each 

component must attend their specific standard requirements, ensuring the 

performance of the complete façade panel. Some technical definitions were 

standardized by the market as usual profile sections, vertical studs spacing, board 

geometry, screwing recommendations, among other definitions.  

The main design parameters, their standard requirements and the usual 

definitions are presented for the metallic frame, the fiber cement board, the screws and 

the inserts. The influence and optimization of each parameter will be presented in the 

following chapters. 

1.3.1. Cold-formed steel profiles 

The metallic structure is basically composed by the connection between 

horizontal U tracks and vertical C studs. Typical profile sections are illustrated in Figure 

8. Bracing straps or horizontal blockings are also commonly used to assure the stability 

of the frame, as shown in Figure 9. 

The steel profiles are cold-formed and mechanically defined by their yield 

strength (𝑓𝑦), their tensile strength (𝑓𝑢) and their elastic moduli (𝐸𝑦). All these metallic 

profiles must be protected against corrosion, mainly because they will be used on 

external conditions. To avoid rusting, the profiles are zinc-coated or zinc/aluminum-

coated by the hot-dip process. 10 
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Figure 8: Steel cold-formed profiles. a) C-section studs and b) U-section studs. 

 
(a) 

 
(b) 

Source: Ananda Metais. 

Table 2 shows the main material definitions adopted and specified by Brazilian 

standards for steel cold-formed structural profiles. The usual geometrical dimensions 

for LSF profiles are indicated in Table 3. Combining depths and thickness it is possible 

to find the optimized design of the metal profile for different configurations and loads. 

A 50mm-width profile may be convenient because it facilitates the board screwing, 

even if it does not have a significant contribution in terms of mechanical strength. 27; 28; 

29; 30 

Figure 9: : Light steel framing structural components. 

 

Source: adapted from Manual de Steel Frame – Engenharia of CBCA. 
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Table 2: Brazilian standard specifications and definitions for structural cold-formed steel (CFS) profiles 
to LSF constructions. 

Yield strength (𝒇𝒚) ≥ 𝟐𝟑𝟎 𝑴𝑷𝒂  

𝒇𝒖 𝒇𝒚⁄  ≥ 1,08 

Elastic modulus (𝑬𝒚) 200 𝐺𝑃𝑎 

Poisson’s coefficient (𝝂) 0,3 

Shear modulus (𝑮) 77 𝐺𝑃𝑎 

Thermal coefficient (𝜶) 1,2. 10−5 ℃−1 

Specific density (𝝆) 7850 𝑘𝑔/𝑚³ 

Galvanized coating 
≥ 275 𝑔/𝑚2 if zinc-coated 

≥ 150 𝑔/𝑚2 if zinc/aluminum-coated 

Source: ABNT NBR 15523:2010. 

A wall structured on LSF is then composed by studs that transmit the loads 

vertically through their webs. The studs are usually assembled on 400mm or 600mm 

each. These modulations are chosen due to the standard dimensions of the boards. 

Table 3: Usual dimensions adopted to LSF profiles. 

 Vertical studs Horizontal tracks  

Web depth 90𝑚𝑚, 140𝑚𝑚 or 200𝑚𝑚 92𝑚𝑚, 142𝑚𝑚  or 202𝑚𝑚 

Flange width 40𝑚𝑚 or 50𝑚𝑚  40𝑚𝑚 

Stiffeners length 12𝑚𝑚 - 

Thickness 0,8𝑚𝑚, 0,95𝑚𝑚 or 1,25𝑚𝑚 

Source: author. 

These parameters are necessary to the design of the metal frame structure. The 

standard profile nomenclature for C-studs contains the complete geometry description 

of the profile. Profile name is presented, in millimeters, on the form Web depth x 

Flanges width x Stiffeners length x Thickness. For example, a C-stud profile 90 x 40 x 

12 x 0,95 is a 0,95mm-thickness profile with a 90mm-depth web and 40mm-width 

flanges with stiffeners of 12mm. 30 

1.3.2. Metal frame dimensioning considerations 

For the structural design of the frame, each stud is considered as a wire pinned 

supported at its extremities. The studs must be designed at combined bending and 

compression load in the ULS. In the case of a non-load bearing wall, the compression 



43 

 

loads are the self-weight of the steel structure, of the boards and its finishing systems, 

and the bending is a result of the wind pressure applied on the façade. 31 

As described at 1.3.1, C-studs are an open thin-walled cross-section cold-

formed steel profile. Under compression forces, the studs are susceptible to flexural 

buckling. For this cross section (C-profiles), the shear center and the centroid are not 

coincident and then the studs are also subjected to lateral-torsional buckling effects 

(also called lateral buckling or flexural-torsional buckling). Bracing straps or blockings 

are recommended to reduce or avoid these lateral-torsional effects and can contribute 

to reduce, in addition, flexural buckling on the minor principal axis direction. 31 

The LSF profiles may also fail by local and/or distortional buckling. Although 

they present a stable post-critical behavior, the local phenomena can occur combined 

with global flexural and/or torsional buckling and this combined failure mode presents 

an unstable post-critical behavior. For these reasons, it is important to highlight that 

the design of LSF profiles cannot be based on the yield strength of the material. 

Usually, buckling occurs at a lower stress than the yield one and then buckling 

verifications become the limiting design criteria. 31; 32 

In summary, all vertical studs may be designed avoiding failure due to each 

buckling mode (flexural, torsional, lateral-torsional, local and distortional) and their 

interaction effects on the effective material strength. Based on these assumptions and 

following the design equations recommended on the national standards, it is possible 

to define the maximum horizontal pressure, represented by the maximum wind 

pressure, which can be withstanding by each profile presented in the Brazilian 

standards.  

Table 4 presents the maximum design wind pressure that can be supported by 

the most usual cross-sections profiles for a 3-meters high LSF stud. The use of a steel 

profile ZAR 230 (𝑓𝑦 = 230 𝑀𝑃𝑎) was assumed. Bracing straps were used at the middle 

of studs to reduce their buckling length on the minor principal axis direction and on the 

torsional buckling (𝐾𝑦𝐿 = 𝐾𝑧𝐿 = 1,5𝑚, studs with no flexural or warping end restraint). 

The maximum supported pressure was also calculated considering the studs common 

spacing of 400mm and 600mm. The Ultimate Limit State (ULS) was considered with 

its corresponding design factors and a total vertical load less than 60 kg/m². The 
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mechanical contribution of the sheathing board and of its coating system were not 

taking into account in this calculation. 29; 32 

Table 4: Maximum design horizontal loads calculated on ULS for a 3-meters high C-stud profile 
following the Brazilian standard ABNT NBR 14762:2010. 

C-stud LSF profile 

(ZAR 230) 

Maximum design wind pressure - 

qwd (kPa) 

400 mm 600 mm 

90 x 40 x 12 x 0.8 1,4 0,9 

90 x 40 x 12 x 0.95 1,8 1,2 

90 x 50 x 12 x 0.95 2,1 1,3 

90 x 40 x 12 x 1.25 2,5 1,6 

140 x 40 x 12 x 0.95 2,9 1,8 

140 x 50 x 12 x 0.95 3,3 2,2 

200 x 40 x 12 x 0.95 3,7 2,4 

200 x 50 x 12 x 0.95 4,4 2,9 

140 x 40 x 12 x 1.25 4,6 3,0 

200 x 40 x 12 x 1.25 6,2 4,0 

Source : author. 

1.3.3. Exterior board 

The exterior board is commonly a mineral board. Fiber cement, glassmat 

plasterboards, OSB or metal plates are the traditional materials used by the market. 

The standard dimensions of these boards are 1200mm x 2400mm, and they may vary 

depending on the needs of the project. These boards must resist wind loads and 

mechanical impacts besides ensure the watertightness of the façade. Furthermore, 

these elements are specified to facilitate the maintenance and ensure the durability of 

the system. 33 

To be used on external façades, these boards must present a minimum 

mechanical strength, measured by its flexural strength. For fiber cement boards, the 

Brazilian standard requires a minimum average of 4 MPa on flexural strength, 

measured by the modulus of rupture (MOR) of the board in both longitudinal and 

transverse directions and on saturated specimens it means after 24 hours of water 

immersion. Depending on the flexural strength results, the standard defines a specific 

board category as shown in Table 5. 34 

 



45 

 

Table 5: Brazilian categories of fiber cement boards without asbestos for external use according to its 
mechanical strength. 

Boards Class A 

(external use) 

Minimum average flexural 

strength required - 𝝈𝒂𝒅𝒎 

Category 1 - 

Category 2 4 MPa 

Category 3 7 MPa 

Category 4 13 MPa 

Category 5 18 MPa 

Source: ABNT NBR 15498 :2015. 

For the different boards categories, it is possible to determine the maximum 

design wind pressure allowed when these boards are applied on a metal frame 

structure with studs spaced by 400mm or 600mm. In the ULS, a design load factor of 

1,4 (𝛾𝑓 = 1,4) and a design strength reduction factor of 1,4 (𝛾𝑟 = 1,4) were applied. The 

strength reduction factor for the fiber cement material was adopted similarly to the 

design factor recommended for concrete structures, considering the variability of the 

mechanical properties of a fiber cement board. For a first approach, the board applied 

on the frame subjected to wind pressure can be considered as a simply supported 

beam with a span equal to the studs spacing under a distributed load. Then, the 

maximum allowed load is done by ( 1 ). 

𝑞𝑤𝑑 ≤ 𝛾𝑓
8

𝑙2
𝑏𝑡2

6

𝜎𝑎𝑑𝑚
𝛾𝑟

 ( 1 ) 

Table 6: Maximum design horizontal load supported in ULS by a fiber cement board. 

Fiber cement boards 

without asbestos – Class A 

(ABNT NBR 15498:2015) 

Maximum design wind pressure - 

qwd (kPa) 

400 mm 600 mm 

Category 2 1,7 0,8 

Category 3 3,0 1,3 

Category 4 5,5 2,5 

Category 5 7,7 3,4 

Source: author. 

Where 𝑞𝑤𝑑 is the design wind pressure, 𝑏 is equal to 1m, 𝑙 is the span or in this 

case the studs spacing, 𝑡 is the board-thickness, 𝜎𝑎𝑑𝑚 is the minimum required stress 
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of the board and 𝛾𝑓 and 𝛾𝑟 are the ULS factors. The results of ( 1 ) for the different 

board categories are exposed in Table 6. 19 

Fiber cement boards are sensitive to hygrometric conditions. Usually these 

boards present an important level of water absorption (~30% in mass). Additionally, its 

dimensional variation by hygrometric effects is relevant. The hygrometric movements 

of the board can become the most critical effects on a board during its service life. 

1.3.4. Screws fixing 

The external fiber cement boards are usually fastened over the metal frame by 

self-drilling screws with or without wings measuring 4,2mm x 32mm. Some technical 

catalogs recommend a minimum edge distance of 10mm of the screws on the fiber 

cement board. Other suppliers recommend a minimum edge distance of 15mm within 

the board, which implies the use of a 50mm-flange width studs. 35; 36 

These screws must be dimensioned to prevent the pull through of the board due 

to wind actions and the sliding of the board due to its self-weight. In addition, the fixing 

system must be designed to avoid the collapse of the board edges by shear effects 

and to allow the in-plane displacements of the board, avoiding stress concentration 

caused by the hygrothermal dimensional variations of the fiber cement material. 

Admitting a uniform distribution of horizontal loads (𝑞𝑤𝑑) on the façade and on 

each screw, it can be defined the number of screws (𝑛𝑠𝑐𝑟𝑒𝑤) required on each stud. In 

the equation ( 2 ), 𝑑𝑠𝑡 is the studs’ distance, 𝐿𝑏𝑜𝑎𝑟𝑑 is the length of a single board 

(usually the same length of the stud, to avoid horizontal joints) and 𝐹𝑑,𝑝𝑢𝑙𝑙−𝑡ℎ𝑟𝑜𝑢𝑔ℎ is the 

pull-through design strength of a screw on the board. 

𝑛𝑠𝑐𝑟𝑒𝑤 ≥
𝑞𝑤𝑑𝑙𝐿𝑏𝑜𝑎𝑟𝑑
𝐹𝑑,𝑝𝑢𝑙𝑙−𝑡ℎ𝑟𝑜𝑢𝑔ℎ

 ( 2 ) 

Additionally, it can be calculated, as shown in ( 3 ), the maximum vertical screw 

distance (𝑠𝑠𝑐𝑟𝑒𝑤) to support a specified horizontal pressure. For the horizontal screw 

distance, the same stud spacing length will be assumed. Adopting the results obtained 

in 1.3.4 and a pull-through design value equal to 502 N, the maximum screw spacing 

is summarized in Table 7 for the different frame choices. 

𝑠𝑠𝑐𝑟𝑒𝑤 ≤
𝐿𝑏𝑜𝑎𝑟𝑑

𝑛𝑠𝑐𝑟𝑒𝑤 − 1
 ( 3 ) 
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Besides the verification of the pull-through screw strength in relation to wind 

forces, it is important to understand the stiffness of these screwed connections and its 

influence on the stress concentration on the board. During the aging of the material, 

these connections can become stiffer and imply on more important stress 

concentration due to hygrothermal movements of the board. A numerical study of these 

effects is presented in chapter 5. 

Table 7: Maximum vertical screw spacing to support horizontal loads. 

C-stud LSF profile 

(ZAR 230) 

Maximum screw spacing – sscrew (cm) 

400 mm 600 mm 

90 x 40 x 12 x 0.8 100 150 

90 x 40 x 12 x 0.95 75 75 

90 x 50 x 12 x 0.95 75 75 

90 x 40 x 12 x 1.25 60 60 

140 x 40 x 12 x 0.95 50 50 

140 x 50 x 12 x 0.95 43 43 

200 x 40 x 12 x 0.95 38 38 

200 x 50 x 12 x 0.95 30 33 

140 x 40 x 12 x 1.25 30 30 

200 x 40 x 12 x 1.25 23 23 

Source: author. 

1.3.5. Inserts 

Depending on the choice of the fixing system, different types of inserts may be 

proposed. The optimized choice is also made based on the material of the main 

structure of the building. The inserts elements must be able to withstand mainly the 

wind pressure and suction and to transmit the loads arriving on the façade system to 

the main structure of the building. In addition, these anchor elements should be 

capable to absorb and accommodate differential displacements between the main 

structure and the façade system, besides compensating plumb line deviations. 

In the case of an infill wall, the bottom track is attached to the floor and the upper 

track is attached to the upside of the floor above. This attachment may be provided by 

structural screws. The number of screws and their spacing must be specified according 

to the structural project, considering the applied loads and the combination of actions, 

disposed in a double line 40mm each, or by bolts, fastened 1200mm each. 
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For a curtain wall system, special inserts designed on steel L section profiles 

are bolted on the main structure and screwed on the web of studs. Figure 4 has shown 

an example of these inserts. Depending on the project, it is possible to bolt all studs, 

or the inserts may be spaced, for example, 1200mm each. The design of the inserts 

and the number of bolts must be specified depending on the structural framing 

dimensions and wind loads considerations. Usually, if correctly calculated, they are not 

the most critical point to the system due to the large portfolio of bolts in terms of traction 

strength available on the market. 19 

 Concluding remarks 

Light steel framing façades have been gradually introduced in the Brazilian 

market. Their benefits, such as the productivity increase, the waste generation 

reduction and the construction time optimization, have motivated constructors to move 

on this industrialization way. As a modular system, these façades can be used from 

different manners. 

By combining different construction process, fixing typologies and even different 

finishing systems, these LSF façades can be used as the building envelope or as an 

external cladding. The choice of the desired façade functionality implies on its typology 

definition and, consequently, on the setting of the design variables and parameters. 

For example, the design of a curtain wall differs from an infill wall project, especially for 

the inserts and structural fixing design. 

This work is based on the analysis of a curtain wall system, considering the 

façade as the complete building envelope and without any rendering system or joint 

treatment. Hence, the main parameters were defined to ensure a proper façade 

performance assessment: 

 Metal profile: must be designed to withstand its self-weight and wind loads; 

 External board: it has to be characterized to define an adjusted numerical 

model able to simulate its constitutive behavior; 

 Screw fixing: must be designed to resist the pull-trough forces, even 

considering their interaction with the board and aiming to prevent cracking; 

 Structural inserts: must be designed to support the façade panel and to 

anchor it in the main structure of the building.  
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2. WIND LOADS ON FAÇADES 

Numerical model input definition: Design loads 

High and slender buildings with lighter and more flexible architectural systems 

are increasingly present on cities. The preference for these slender buildings implies a 

higher importance on wind actions considerations. Static and dynamic horizontal loads 

become the design criteria for lightweight and flexible structures, even though these 

loads have a few or no influence on the design of heavy constructions. 

Lightweight façades systems are even more susceptible when subjected to 

horizontal loads. The façade system shall be able to withstand the wind and, in case 

of load-bearing walls, they might be able to carry and transfer the wind loads and the 

structural loads. Load or non-load-bearing façades, both must be designed to carry the 

static and dynamics effects of wind-induced pressure and suction. 

The description of wind-induced effects on buildings depends on the evaluation 

of meteorological parameters and on the aerodynamics description of the building 38. 

The wind velocity field is described as statistical functions and the wind-induced 

pressure is determined by aerodynamics admittance with spatial coherence 39. The 

statistical description of the wind velocity field and its relation with wind-induced 

pressure has started with Davenport, in the 1960s, and, since then, it has been studied 

for many authors. 37; 38; 39 

Furthermore, for façades elements analysis the consideration of local wind 

effects will be necessary. These local effects are associated with the peaks of wind 

velocity field. Different techniques and methods to calculate extreme wind speeds and 

extreme values for peak loads are presented on the literature 40; 41; 42; 43. The 

differentiation between local effects and global effects is important on the analysis and 

on the design of small elements as façades fixing systems for example. 

Wind speed fluctuations can also generate dynamic effects on the structure. 

This study is focused on the static effects of wind loads and their influence on façade 

elements design, assuming that dynamic effects will be covered by the design of the 

main structure of the building. 

National building codes were written defining and detailing national techniques 

to describe wind velocity fields and define wind-induced pressures. Many recognized 

standards follow the same reasoning, but sometimes they adopt different statistical 
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techniques and different aerodynamic considerations. Regarding wind-induced 

pressure on façades elements, for example, the differentiation between global and 

local wind effects is not always clearly presented. 44 

This chapter presents the parameters and coefficients widely used to describe 

the wind action on buildings, including a discussion about the main techniques and 

considerations to calculate the wind-induced pressures. A comparison between four 

international codes will illustrate the convergence and the differences on the literature 

regarding wind actions analysis, especially regarding the considerations of static wind 

effects on façades elements design. An example of wind pressure calculation closes 

the chapter showing the quantitative difference using the different codes and their 

specifications for local and global wind effects. 

 Wind actions on buildings 

Davenport (1982) proposes a sequence of steps to assess wind load on 

buildings. The so called Davenport wind loading chain, illustrated by the Figure 10,  

shows that wind-induced loads are the result of two effects: a natural-one which 

considers, for example, the meteorology, terrain conditions and neighborhood effects 

and a geometrical-one, addressing the building shape and dimensions and the building 

aerodynamic influences. 45; 46 

Figure 10: The Alan G. Davenport wind loading chain. 

 

Source: Irwin et al. (2013) 

The natural effects depend on the expression of wind climate and the influence 

of terrain. A description of the wind velocity field determines the important parameters 

of mean speed, turbulence intensity and wind fluctuations acting on the building. The 

terrain conditions, as surface roughness, combined with the wind velocity field define 

the wind dynamic pressure. 45; 47 

This dynamic wind flow in relation to the building turns into a wind-induced 

pressure. To define the induced pressure on a surface the Bernoulli’s equation is used 
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for an inviscid, barotropic and steady flow. And then, the wind-induced pressure on a 

surface is expressed by a general equation ( 4 ). 48 

𝑝𝑠 = 𝑞𝐶𝑝 =
1

2
𝜌𝑎𝑖𝑟𝑈

2𝐶𝑝 ( 4 ) 

Where 𝑝𝑠 is the pressure on a surface; 𝑞 is the wind dynamic pressure; 𝐶𝑝 is the 

pressure coefficient, which will be described in details in section 2.1.2; 𝜌𝑎𝑖𝑟  is the air 

density and 𝑈 is the wind speed. 

Equation ( 4 ) shows that the wind speed and a pressure coefficient must be 

defined to obtain the wind pressure acting on a building. The first parameter will be 

defined contemplating meteorological aspects, dimensions of the building and terrain 

considerations. The second one will be calculated in function of the geometry of the 

building and its aerodynamic aspects. 49 

Wind flow presents general characteristics around a high-rise building. On the 

windward face, the stagnation point is located at a height of 70-80% of the total building 

height. The flow downs below this stagnation point at the windward wall. Side walls 

can be subjected to high local pressures and the leeward face is subjected to a low 

level of suction. 39 

2.1.1. Characteristic wind speed 

2.1.1.1. Wind speed definition 

The wind speed is composed by the so-called basic wind speed multiplied by 

different coefficients considering the local of the building construction, the 

neighborhood, the topography and statistical effects. 49 

The wind velocity field varies with height, and its profile depends on the terrain 

roughness and on the proximity of obstacles as trees, higher buildings and others. 

Mathematical laws are used to describe the wind speed variation on height. Often, 

national standards use a logarithmic law or a power law to describe the wind velocity 

profile above the surface. The logarithmic law is considered the most accurate 

expression in strong wind conditions near the surface, whereas the power law is more 

convenient to calculate resultant forces and moments because it is an easily integrated 

function. 39 

Besides its spatial variability, the wind speed is a random variable time-

dependent. Mathematically, the wind can be modeled as a stochastic process by a 



52 

 

time-dependent function. As a random process the wind speed can be represented by 

defining a mean (�̅�) and a fluctuation (𝜎𝑢) on the time, according to equation ( 5 ). The 

mean wind speed depends on the averaging period (usually taken as ten minutes or 

one hour, for example) and the fluctuation is represented by a peak factor (𝑔) that 

indicates local speed values on the time. Figure 11 represents the wind profile acting 

on a building. 37 

�̂� = �̅� + 𝑔𝜎𝑢 ( 5 ) 

The mean wind speed usually corresponds to global wind effects on the 

buildings. The peak factor, in contrast, is related to local effects and defines the peak 

values, or the expected peak gust (�̂�), of the wind speed function. The ratio of the 

peak gust to the mean wind speed within an averaging period is called gust factor (𝐺). 

The estimation of peak values defines the gust factor and the peak gust. 41; 42; 43 

Considering these different parameters on the wind speed definition, most 

national standards define a basic wind speed by geographic location in a country. The 

basic wind speed is the wind speed measured under controlled conditions, that is, at 

same height, in a flat and opened terrain and calculated with a specified gust factor 

and recurrence time. The particularities of each specific building are then contemplated 

by several coefficients. These coefficients aim to adapt the standard wind velocity to 

the specific situation, considering the shape and dimensions of the building for 

example. 39 

Figure 11: Wind profile - Mean speed and gusting. 

 

Source: Irwin et al. (2013) 

Basic wind speeds are obtained by a statistical treatment of historical data on 

recorded wind speeds. The statistical analysis must be based on an extreme value 

distribution. Fisher and Tippet were the first to propose an analysis of the largest values 

for a random variable. They identified three types of distributions to represent extreme 
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values. Gumbel, at the beginning of 1950s, adopted the distribution Fisher and Tippet 

type I applied on his wind studies. This distribution, then called the Gumbel distribution, 

became the most used in several national standards. These statistical distributions 

need a separation of the recorded data by storm type to present a good fit. As well as 

the Gumbel distribution, in some cases the distribution Type II or even Type III can be 

used. They are known as the Frechet distribution and the Weibull distribution, 

respectively. Distributions Type I and Type II are unbounded, whereas distribution 

Type III has an upper limit. 38; 40; 41 

Besides the distribution type, basic wind speeds depend on the measuring 

length or the averaging time. Usually, national standards take an average time of 3 

seconds or 10 minutes. It was demonstrated by Zhou et al., in 2002, that the basic 

wind speed defined in a 3s measurement is equal to 1,48 times of the wind speed 

taken in a 10min register. 50 

2.1.2. Aerodynamics pressure coefficients 

When a flow with a specific velocity finds a solid, this flow exercises a pressure 

on it. At the exact point where the flow is perpendicular to the solid, called the 

stagnation point, the flow velocity is zero and the pressure caused by wind at this point 

is called the dynamic pressure. However, the flow in other points becomes turbulent 

and presents a non-zero velocity generating wind induced pressures at all the solid 

according to the ratio of the current fluid speed to the initial speed. The relation 

between the total pressure (𝑝𝑠) by the dynamic wind pressure (𝑞) at a specific point of 

the building is represented by a coefficient, called the pressure coefficient (𝐶𝑝). 
48; 51 

Wind generates an external pressure due to the aerodynamic shape of the 

building. In addition, due to openings or leakages the wind can also generate an 

internal pressure. To calculate the pressure coefficient, the combination of external 

and internal wind induced pressure effects must be described in each wall of the 

building. 52; 53; 54 

Some national standards recommend different pressure coefficients 

considering local or global effects. It means that the pressure coefficients for the design 

of large elements or to verify the global stability of a structure can be different of those 

to design specific and small elements, as façades fixing or joints. However, local winds 
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are not always considered correctly by the national codes, sometimes they provide 

non-conservative responses. 55; 56 

2.1.2.1. External pressure coefficients 

To obtain the dynamic pressure, the velocity intensity must be determined at 

each point. Wind tunnel tests can provide these results, producing a complete 

description of the dynamic pressure distribution on a building. This pressure 

distribution, due to the geometry of the building, can be expressed by the external 

pressure coefficients. Although the wind tunnel measurements are reliable, they can 

take a lot of time and be economically expensive.  

For simple building shapes, most national standards offer pre-defined values of 

external pressure coefficient intending to facilitate the design process. In all cases it is 

important to consider the different wind directions and differentiate positive pressure 

effects and the negative pressure ones (suction). 

2.1.2.2. Internal pressure coefficients 

If the building is completely sealed, the wind flow will generate pressure only on 

the external faces of the building. However, the buildings have openings (windows, 

doors or even gaps) and the wind can pass through the building generating an internal 

pressure. This internal pressure coefficient will be calculated as a function of the 

opening area and the opening location on a façade, that is called building 

permeability. The definition of a realistic internal pressure coefficient is not evident. 

We cannot adopt an overstated hypothesis, but incorrect hypothesis on internal 

pressures or even unexpected openings due to flying debris, for example, can 

generate high pressure values. These unplanned high pressures have been a critical 

cause of accidents, especially with openings on windward faces. 57; 58; 59 

Different cases must be analyzed as a single dominant opening in one wall 

(windward wall, sidewall or leeward wall), multiple wall openings or the effect of wall 

permeability. Despite the different opening combinations, walls with a dominant 

opening present an important interaction between internal and area-averaged external 

pressure, and the wall corners are more susceptible to high suction pressures. 60; 61; 62 

If the building presents cross-openings, the internal pressure coefficients are 

not uniform. In some cases, cross-openings may present critical values more important 

than a single dominant windward opening. 63 
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 International standard comparison 

The different national building codes follow the same idea of the wind loading 

chain of Davenport. The coefficients and the composition of each parameter may 

change in each code, such as the wind speed and wind-induced pressures calculation. 

However, all national standards recommend the evaluation of the same variables: 

 Basic wind speed: obtained for statistical treatment of historic 

meteorological data series; 

 Surface roughness and neighborhood effects; 

 Topography and height of the building; 

 Shape-factors: the building dimensions have influence on the gust factor 

and on the pressure coefficients determination 

These are the basic parameters considered by the building codes. However, 

other variables may be considered by some codes, as wind directionality and localized 

effects, for example. A comparison of different international codes was done by 

different authors to compare the dynamics considerations of each code and the wind 

speed parameters used on each standard. 39; 50; 64; 65 

On this work, the Brazilian standard for wind actions (NBR 6123:1988) is 

compared with three other wind codes: the European (EN 1991-1-4:2005), the USA 

(ASCE 7-10) and the Australian and New-Zealand (AS/NZS 1170.2:2011) standards. 

This comparative analysis aims to identify similarities and the main differences on the 

definition of wind-induced pressure on façades systems and their components. A 

description of the different global or local parameters and coefficients used in each 

code is presented, followed by a comparative example to illustrate. 

2.2.1. Characteristic wind speed 

2.2.1.1. Wind speed definition 

The basic wind speed, also called the reference wind speed in some standards, 

is always a value measured at 10m height in a flat and opened terrain. Although, the 

gust factor and the recurrence period change from one standard to another. Table 8 

summarizes the different averaging time and return period for the studied standards. 

The AS/NZS 1170.2:2011 is the only code that presents the wind speed as a function 

of different return periods 39. After having defined the basic wind speed, following 
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standard measuring parameters, this value must be corrected to represent the wind 

speed in a specific condition of terrain, height and exposure of the building. 

 Table 8: Basic wind speeds parameters for different national codes. 

Standard Averaging time Return period 

NBR 6123:1988 3 s 50 years 

EN 1991-1-4:2005 10 min 50 years 

ASCE 7-10 3 s 50 years 

AS/NZS 1170.2:2011 3 s 1 to 10000 years 

Source: adapted from Holmes (2013).  

2.2.1.2. Correction factors 

All the analyzed standards use correction factors to adapt the basic wind speed 

to each specific construction. Only the American code applies the correction factors on 

the dynamic pressure. The other codes include these factors modifying the wind speed 

according to terrain roughness, topography and building height. 66; 67; 68; 69 

Table 9 shows a description of how each code considers wind speed 

modifications for each construction condition. Topography, roughness and height 

effects are considered in all codes even if with different values or laws. For example, 

the Australian and the European code use a logarithmic law to describe the speed 

variation with height, while the American and the Brazilian ones use a power law. 

Wind directionality is assessed in all codes, except in the Brazilian one. The 

Australian and New-Zealander code, for example, defines a site wind speed for each 

cardinal direction (𝑉𝑠𝑖𝑡,𝛽) and takes the most critical case, i.e. the largest value, to the 

design (𝑉𝑑𝑒𝑠,𝛳). In most cases, neglecting the wind directionality results in a 

conservative analysis. But in other cases, this consideration may be convenient to 

avoid an oversizing design, for example. Neglecting the wind directionality may provide 

a wind speed more than 2 times greater than the actual speed, but sometimes the 

available meteorological data are not sufficient to describe the directional distribution 

of the wind. 70  
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Table 9: Wind speed parameters in different international codes. 

Standard Parameter Definition Wind speed 

N
B

R
 6

1
2

3
:1

9
8
8
 

𝑉0 
Basic wind speed 

3s gust wind speed for annual probability of exceedance 
of 63% in a return period of 50 years. 

𝑉𝑘 = 𝑉0𝑆1𝑆2𝑆3 

𝑆1 

Topographic factor 

Considers the relief variation of the construction site. It is 
equal to 1,0 on flat terrain and it is less than 1,0 in wind-
sheltered valleys or more than 1,0 in slopes. 

𝑆2 
Roughness factor 

Classifies a terrain according to its roughness and takes 
into account the building height using a power law. 

𝑆3 

Statistic factor or importance factor 

Defines the annual probability of exceedance. Also 
considers the importance of the building according to its 
occupation and the gravity in case of ruin.  

E
N

 1
9

9
1

-1
-4

:2
0

0
5
 𝑣𝑏 

Reference wind speed 

Basic wind speed corrected by wind directionality factors. 
Generally, the directionality factor taken is equal to 1,0. 

𝑣𝑚(𝑧)

= 𝑣𝑏𝑐𝑟(𝑧)𝑐𝑜(𝑧) 
𝑐𝑟(𝑧) 

Roughness coefficient 

Corresponds to the S2 factor of the Brazilian standard. 
However, uses a logarithmic law instead of a power one. 

𝑐𝑜(𝑧) 
Orographic coefficient 

Corresponds to the S1 factor of the Brazilian standard, but 
with different recommended values. 

A
S

/N
Z

 1
1

7
0

.2
:2

0
1

1
 

𝑉𝑅 
Regional speed 

Regional 3s gust wind speed for annual probability of 
exceedance of 1/R, given by the national wind charts 

𝑉𝑠𝑖𝑡,𝛽

= 𝑉𝑅𝑀(𝑧,𝑐𝑎𝑡)𝑀𝑠𝑀𝑡𝑀𝑑 

𝑀(𝑧,𝑐𝑎𝑡) 
Terrain/height multiplier 

It corresponds to the 𝑆2 factor of the Brazilian standard, 
but considering a logarithmic law.  

𝑀𝑠 

Shielding multiplier 

Allows a reduction on the wind speed consideration in 
case of shielding provided by upwind buildings or other 
structures. 

𝑀𝑡 
Topographic multiplier 

Corresponds to the S1 factor of the Brazilian standard, but 
with different recommended values. 

𝑀𝑑  

Directional multiplier 

Considers the wind directionality for each cardinal 
direction. It can be taken equal to 1,0 in general cases, for 
a conservative analysis. 

Source: author. 
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Defining the characteristic wind speed, it is possible to calculate the wind 

dynamic pressure. As exposed in Table 10, the dynamic pressure is the product of the 

mass air density by the square of the characteristic wind speed. The ASCE code 

applies the correction multipliers at this stage, adopting an exposure (𝐾𝑧), a 

topographic (𝐾𝑧𝑡) and a directionality (𝐾𝑑) coefficients. The Eurocode includes an 

exposure coefficient (𝑐𝑒) on the dynamic pressure definition to take into account the 

turbulence intensity in addition to roughness and orographic considerations. This factor 

is height-dependent and converts the dynamic pressure into a gust pressure. 

Table 10: Wind-induced pressures from different international codes. 

Standard Dynamic pressure 
Mass air density* 

ρ (kg/m³) 

Wind-induced pressure 

on a wall 

NBR 6123:1988 𝑞 =
𝜌
𝑎𝑖𝑟
𝑉𝑘
2

2
 1,225 𝑝𝑠 = 𝐶𝑝𝑞 

EN 1991-1-4:2005 𝑞 = 𝑐𝑒(𝑧)
𝜌
𝑎𝑖𝑟
𝑣𝑏
2

2
 1,250 

𝑤𝑒 = 𝑞𝑐𝑝𝑒 

𝑤𝑖 = 𝑞𝑐𝑝𝑖  

ASCE 7-10 𝑞 =
𝜌
𝑎𝑖𝑟
𝐾𝑧𝐾𝑧𝑡𝐾𝑑𝑉

2

2
 1,225 𝑝𝑠 = 𝑞(𝐺𝐶𝑝) 

AS/NZ 
1170.2:2011 

𝑞 =
𝜌
𝑎𝑖𝑟
𝑉𝑑𝑒𝑠,𝜃
2

2
 1,200 𝑝𝑠 = 𝐶𝑓𝑖𝑔𝐶𝑑𝑦𝑛𝑞 

*defined at standard atmosphere and sea level pressure 

Source: adapted from Holmes (2013). 

2.2.2. Aerodynamic pressure coefficients 

Aerodynamic coefficients are used to transform the dynamic pressure on wind-

induced pressure giving the wind effects on a surface. Different forms to calculate the 

wind-induced pressure can be seen in Table 10, following the international codes. 

All standards demand an analysis of the external and internal pressures caused 

by the wind. In the Eurocode, an explicit description of the external and internal 

pressure determination is found. Other codes present a unique pressure coefficient, 

which is then composed by the combination of external and internal effects on the 

building. 66; 67; 68; 69 

2.2.2.1. External pressure coefficients 

External pressure coefficients are presented in all codes for rectangular 

buildings. The standards indicate a mean pressure coefficient for each wall of the 
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building according to the wind direction and the plan dimensioning of the building. A 

wind tunnel test is recommended for most complex combinations between building 

shapes and wind direction to give a precise aerodynamic characterization. 

The ratio of elevation by plan dimensioning defines the external pressure 

coefficient of the building. Highest buildings are always the most critical cases. In all 

standards, a square building is the most critical configuration, because it implies on 

higher suction values on the leeward wall. A graphic schema is presented in Figure 12 

representing the wind pressure distribution around a building plan.   

The Eurocode gives different external pressure coefficients (𝑐𝑝𝑒) as a function 

of the area of the element, less than 1m² for local effects considerations and more than 

10m² for the design of major structural members (global effect). It explicitly 

recommends the use of local external pressure coefficient values to design claddings 

and façades fixing systems. 

The ASCE wind code is subdivided in two parts: the Main Wind Force-Resisting 

System (MWFRS) design and the Components and Claddings design. For the first 

structure type, the design considers a global effect of the wind, and for the second one, 

local effects are taken into account. The gust factor is also considered on the pressure 

coefficient definition done by the 𝐺𝐶𝑝𝑒 symbol. 

The Australian code presents an aerodynamic shape factor (𝐶𝑓𝑖𝑔). It is 

composed by an external pressure coefficient multiplied by a local pressure factor (𝐾𝑙) 

and by an area reduction factor (𝐾𝑎) to consider local effects, mainly on claddings and 

façades design. A porous claddings reduction factor (𝐾𝑝) is used for non-permeable 

claddings.  

In the three presented cases, local wind effects result on higher pressure 

coefficients values. It means that local pressure effects are more important than the 

global one. On the other hand, the Brazilian standard doesn’t consider any explicit 

differentiation of local and global wind effects. It gives a more conservative gust factor 

for the design of façades, but it recommends a low importance factor for this design. 

This combination implies on local pressure coefficients lower than the global ones, 

unlike the other studied standards.  
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Figure 12: Schema of wind pressure distribution on buildings plans. 

 

Source: author. 

2.2.2.2. Internal pressure coefficients 

Most of the codes consider the ratio of dominant openings to the total open area 

on a wall to define the internal pressure coefficient. The ASCE 7-12 classifies the 

buildings in open, partially enclosed and enclosed, and attributes values between 

+0,55 and -0,55 of 𝐺𝐶𝑝𝑖 based on this classification. The three other codes consider 

different opening situations to define the internal pressure.  

Table 11 summarizes the internal pressure coefficient definition and the main 

values for the four compared standards. A negative value indicates suction effect on 

the wall and the positive ones indicate a positive pressure acting internally.  
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Table 11: Internal pressure coefficient definitions from different national codes. 

Standard Hypothesis Criteria 
Internal pressure 

coefficient 

N
B

R
 6

1
2

3
:1

9
8
8
 

1) Two opposite faces permeable 
and other walls impermeable 

Wind perpendicular to 
the permeable faces 

+0,2 

Wind perpendicular to 
the impermeable faces 

-0,3 

2) All faces equally permeable Adopt the most critical -0,3 or 0 

3.1) Dominant opening on 
windward wall 

𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 𝐴𝑠𝑢𝑐𝑡𝑖𝑜𝑛⁄  +0,1 to +0,8 

3.2) Dominant opening on 
leeward wall 

Suction effect on the 
opening 

𝐶𝑝𝑒  of leeward wall 

3.3) Dominant opening on 
sidewall 

Central zones (low 
suction region) 

𝐶𝑝𝑒  of leeward wall 

Highest suction regions 
𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 𝐴𝑠𝑢𝑐𝑡𝑖𝑜𝑛⁄  

-0,4 to -0,9 

4) All faces equally impermeable Adopt the most critical -0,2 or 0 

E
N

 1
9

9
1

-1
-

4
:2

0
0

5
 

1) One face with dominant 
opening 

𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 ∑𝐴𝑜𝑝𝑒𝑛⁄ = 2 
0,75*𝐶𝑝𝑒  of 

dominant face 

𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 ∑𝐴𝑜𝑝𝑒𝑛⁄ ≥ 3 
0,9*𝐶𝑝𝑒  of 

dominant face 

2) All faces equally permeable 𝜇 = 𝐴𝑠𝑢𝑐𝑡𝑖𝑜𝑛 𝐴𝑜𝑝𝑒𝑛⁄  -0,5 to +0,35 

3) Impossible or non-justified 

permeability determination (𝜇) 
Adopt the most critical -0,3 or +0,2 

A
S

C
E

 7
-1

0
 

1) Open buildings 
All faces with at least 

80% of openings 
0 

2) Partially enclosed buildings 

I. 𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 ∑𝐴𝑜𝑝𝑒𝑛⁄ >

1,1 
and 
II. 

min (𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 ∑𝐴𝑑𝑜𝑚⁄ >

0,1, 𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 > 0,37𝑚²) 

and 
III. ∑𝐴𝑜𝑝𝑒𝑛 /𝐴𝑡𝑜𝑡𝑎𝑙 ≤ 0,2 

-0,55 or +0,55 

3) Enclosed buildings None of above criteria -0,18 or +0,18 

A
S

/N
Z

 1
1

7
0

.2
:2

0
1

1
 

1) Two opposite faces permeable 
and other walls impermeable 

Wind perpendicular to 
the permeable faces 

+0,6 

Wind perpendicular to 
the impermeable faces 

-0,3 

2) All faces equally permeable Adopt the most critical -0,3 or 0 

3.1) Dominant opening on 
windward wall 

𝐴𝑑𝑜𝑚,𝑜𝑝𝑒𝑛 ∑𝐴𝑜𝑝𝑒𝑛⁄  

 

-0,3 to +0,2 or 𝐶𝑝𝑒  

of windward wall 

3.2) Dominant opening on 
leeward wall 

-0,3, 0 or 𝐶𝑝𝑒  of 

leeward wall 

3.3) Dominant opening on 
sidewall 

-0,3, 0 or 𝐶𝑝𝑒  of 

sidewall 

4) All faces equally impermeable Adopt the most critical -0,2 or 0 

Source: author. 
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 Comparative example 

A comparative study case is proposed to illustrate the differences of each 

standard and to compare the pressures done by each one. This exercise shows the 

quantitative difference for considering global effects or the local wind effects. It is also 

showed that the Brazilian standard recommendations imply less conservative results 

than other standards in case of local wind effects. 

The standard typologies adopted by constructors for residential buildings are 

usually the rectangular plans or the H-plans buildings, as shown in Figure 13. The H-

plan can be studied as a square plan, with simplified solutions on all standards. The 

square plan shape is the most critical case, mainly regarding negative pressures. 

Figure 13: Building examples with standard plans. a) Rectangular building. b) H-plan building. 

 
a) 

 
b) 

Source: Google Maps. Access on 27nd January, 2017. 

Besides the square plan shape, this example considered: 

 A 30-floor building, around 90 meters high; 

 A building in São Paulo, Brazil, with a basic wind speed of 40 m/s; 

 A flat terrain in a suburban housing area. 

The parameters to obtain the characteristic wind speed, the dynamic pressure 

and the wind-induced pressure were presented according to the different standards. 

Wind directionality was neglected to simplify the comparative exercise. All analyses 

were done considering the worst case, that is, the suction effect at the corner of the 

windward wall.  
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2.3.1. Characteristic wind speed and dynamic pressure determination 

2.3.1.1. Brazilian standard NBR 6123:1988  

As shown in Table 9, the Brazilian standard adopts three modifier coefficients 

to define the characteristic wind speed: 𝑆1, 𝑆2 and 𝑆3. 
66 

For a flat terrain, 𝑆1 = 1,0. 

The 𝑆2 factor corresponds to a combination of building height, gust factor and 

terrain roughness. The suburban housing area is considered a terrain of Category IV 

on the Brazilian standard. The NBR standard indicates a 10s gusting time for high 

buildings (Class C) and a 3s gusting time for claddings and façades fixing or elements 

design (Class A). The 𝑆2 value adopted is correspondent to the top of the building, at 

the highest point. 

 Different 𝑆3 minimum values are required for the building design or the façades 

elements design. The 𝑆3 value changes due to the different recurrence period chosen 

in each case. In general cases, the Brazilian standard considers a recurrence period 

of 50 years (𝑆3 = 1,0) but for façades and claddings design a recurrence period of 22 

years (𝑆3 = 0,88) is indicated. However, a lower dynamic pressure is obtained for the 

design of local elements when adopting a reduced value for the 𝑆3 factor. These results 

do not agree with the expected one, i.e., more important pressure values for local wind 

effects. For this reason, the same recurrence time of 50 years and the correspondent 

𝑆3 factor equal to 1,0 are even proposed for façades and claddings. 48 Table 12 

presents the wind dynamic pressure obtained from those considerations.  

Table 12: Wind speed and dynamic pressure defined by the Brazilian standard. 

Wind effect 
𝑽𝟎 

(m/s) 
𝑺𝟏 𝑺𝟐 𝑺𝟑 

𝑽𝒌 

(m/s) 

𝒒𝟎 

(kPa) 

Global effect 40,0 1,00 1,08 1,00 43,0 1,13 

Local effect 40,0 1,00 1,12 0,88 39,4 0,95 

Proposal for local effect 40,0 1,00 1,12 1,00 44,8 1,23 

Source: author. 

2.3.1.2. European standard EN 1991-1-4:2005 

The expressions done by the European standard are based on a wind speed 

defined on 10min-average time measuring. As the basic wind speed of 40 m/s is 
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defined on a 3s-average time measuring, this value has to be converted as described 

on 2.1.1.1 to obtain the reference wind speed (𝑣𝑏).  

The orographic coefficient is equal to 1,0. The roughness terrain adopted is 

Category III. For this category at 90m-height the roughness coefficient is 1,23. The 

dynamic pressure is obtained using a gust factor (𝐼𝑣) of 0,18 and a correspondent 

exposure coefficient (𝑐𝑒) equal to 3,36. 69 

At this stage, any differentiation between global and local effects are indicated, 

as shown in Table 13.  

Table 13: Wind speed and dynamic pressure defined by the European standard. 

Wind effect 
𝑽𝟎 

(m/s) 

𝒗𝒃 

(m/s) 
𝒄𝟎 𝒄𝒓 

𝒗𝒎 

(m/s) 
𝒄𝒆 

𝒒𝒑 

(kPa) 

Local and global effect 40,0 27,0 1,00 1,23 33,2 3,36 1,50 

Source: author. 

2.3.1.3. North American standard ASCE 7-10 

The modifier factors are applied only on the definition of the dynamic wind 

pressure. However, these coefficients are similar to those of other standards. 

The directionality (𝐾𝑑) and the orographic (𝐾𝑧𝑡) coefficients taken are 1,0. The 

exposure coefficient (𝐾𝑧) is calculated for a building on a region classified as Exposure 

B by the American standard. 67 

The dynamic pressure obtained is the same for local or global effects, as 

reported in Table 14. The differentiation of these effects is made for the pressure 

coefficients. 

Table 14: Wind speed and dynamic wind pressure defined by the ASCE standard. 

Wind effect 
𝑽𝟎 

(m/s) 
𝑲𝒅 𝑲𝒛𝒕 𝑲𝒛 

𝒒𝒛 

(kPa) 

Local and global effect 40,0 1,00 1,00 1,35 1,32 

Source : author. 

2.3.1.4. Australian-New Zealand standard AS/NZS 1170.2:2011 

Based on the same hypothesis used on the other standards, the directional 

coefficient (𝑀𝑑), the topographic coefficient (𝑀𝑡) and the shielding multiplier (𝑀𝑠) are 

equal to 1,0. 
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The terrain/height multiplier is defined similar to the roughness coefficient on the 

Brazilian standard, but following a logarithmic law. The AS/NZS standard classifies the 

terrain as Category 3. This results in a terrain multiplier of 1,15 for a 90m-building. 68 

Local effects and gusting are not taken into account on the dynamic pressure 

definition, as indicated in Table 15. 

Table 15: Wind speed and dynamic wind pressure defined by the Australian-New Zealand standard. 

Wind effect 
𝑽𝑹 

(m/s) 
𝑴𝒅 𝑴𝒕 𝑴𝒔 𝑴𝒛 

𝑽𝒅𝒆𝒔,𝜽 

(m/s) 

𝒒𝒛 

(kPa) 

Local and global effect 40,0 1,00 1,00 1,00 1,15 46,0 1,30 

Source: author. 

2.3.1.5. Summary of dynamic wind pressure results 

Comparing the results, Table 16 shows that the Brazilian standard is the only 

one that differentiates the local and global effects of wind for the dynamic wind 

pressure definition. Despite considering these effects, the standard proposal penalizes 

local effects, resulting in a dynamic wind pressure much lower than other standards. 

The results provided by the American and by the Australian-New Zealand 

standards are similar, even if they use different roughness laws. The European 

standard is the most conservative providing the greatest dynamic pressure value. 

The proposal for local considerations on Brazilian standards explained on 

2.3.1.1 provides results closer than the other national standards. Even if the dynamic 

pressure obtained stays the lowest, the value becomes comparable to the other codes. 

Table 16: Summary of dynamic wind pressure results. 

Standard Variation on height Wind effect  𝒒𝟎 (kPa) 

NBR 6123:1988 Power law 

Global 1,1 

Local 0,9 

Local – new proposal 1,2 

EN 1991-1-4 :2005 Logarithmic law Global and local 1,5 

ASCE 7-10 Power law Global and local 1,3 

AS/NZ 1170.2:2011 Logarithmic law Global and local 1,3 

Source: author. 
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2.3.2. Aerodynamic coefficients 

According to what was presented in 2.2.2, the pressure coefficients 

recommended by each standard can be determined. For the external pressure 

coefficients, the dimensions of the building are an important entry parameter – a square 

building of 25mx25m was considered.  

To define the internal pressure coefficients, hypothesis about the openings on 

the building must be formulated. As explained in 2.2.2.2 it is important to analyze in 

each project the realistic cases and the most critical combination for dominant 

openings, even considering potential accidental openings. In this example, the most 

critical internal pressure coefficient is compared to the usual assumption of a building 

with all faces equally impermeable. Neglecting the internal pressure considerations 

can imply on a non-safety design as well as on an oversizing and non-economical 

design. 59 

2.3.2.1. External pressure coefficients 

Table 17 presents the critical values for external pressure coefficients on the 

different walls of a building. Positive values represent a positive pressure acting on the 

façade. Negative values represent a suction effect on the façade.  

Observing the coefficients and the schema in Figure 12, the most critical case 

considering local effects is the suction on sidewalls at the corner closest to the 

windward wall. For global effects, in some standards the external pressure on 

windward wall may be more important than the suction. 51 

Table 17: Critical external pressure coefficients by different standards. 

Standard / Symbol Wind effect 
Windward 

wall 
Leeward 

wall 
Sidewalls 

NBR 6123:1988 / 𝑪𝒑𝒆 Global and local + 0,8 - 1,2 - 1,2 

EN 1991-1-4:2005 / 𝒄𝒑𝒆 
Global + 0,8 - 0,7 - 1,2 

Local + 1,0 - 0,7 - 1,4 

ASCE 7-10 / 𝑮𝑪𝒑𝒆 
Global + 0,8 - 0,5 - 0,7 

Local + 0,9 - 1,8 - 1,8 

AS/NZ 1170.2:2011 / 𝑪𝒑,𝒆 
Global + 0,8 - 0,5 - 0,65 

Local + 1,2 - 0,75 - 1,95 

Source: author. 
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2.3.2.2. Internal pressure coefficients 

Table 18 shows the internal pressure coefficients recommended by the four 

analyzed international codes. The usual value corresponds to a building with all faces 

equally impermeable to wind, or considered completely closed. The critical value is 

obtained for a building with an important dominant opening on the windward face, it 

means a large opening on the windward face and the three other faces assumed 

impermeable 60; 62. The internal pressure is presumed homogeneous in all internal 

faces, presupposing a building without internal partitions or internal partitions 

completely permeable to wind.  

Table 18: Critical and usual internal pressure coefficients by different standards. 

Standard / Symbol 
Critical 
value 

Usual 
value 

NBR 6123:1988 / 𝑪𝒑𝒊 + 0,8 0 

EN 1991-1-4:2005 / 𝒄𝒑𝒊 + 0,9 + 0,2 

ASCE 7-10 / 𝑮𝑪𝒑𝒊 + 0,55 + 0,18 

AS/NZ 1170.2:2011 / 𝑪𝒑,𝒊 + 0,6 0 

Source: author. 

2.3.3. Wind-induced pressures 

Critical or usual positive internal pressures result in an additional suction on the 

external wall. Then, these effects must be combined with the most critical external 

pressure values to obtain the net pressure coefficient on the building and the wind-

induced pressure as expressed in Table 10. 

Combining external and internal pressure, the most critical case is the suction 

effect at the sidewall corner close to the windward wall for global and for local effects. 

Usual values are calculated considering the most critical external pressure values and 

the usual internal pressure coefficients. The principal case must be the worst loading, 

because it is not possible to preview if an opening will appear during a windstorm.61; 71 

The most critical and the usual wind-induced pressures obtained for a 90m-

height building are summarized in Table 19 as characteristic values. The values are 

presented without sign, because the most critical case or the usual case are 

considered acting both as a positive and as a negative pressure. 
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The ratio of the critical case value by the usual case indicates the important 

influence of the internal pressure determination. We can verify that the wind-induced 

pressure value on the critical case is 1,5 to 2 times of the usual value. 

The ratio of local effects by global effects values is 1,1, 1,2 and 2,0 for the 

European, the American and the Australian/New Zealand codes, respectively. The 

Brazilian code gives a contrary result with a ratio of 0,85. The new proposal to correct 

the local effect provides a better result with a ratio of 1,1, which is closer to the 

European, even if the absolute value remains lower than the other standards. 

Table 19: Characteristic wind-induced pressures for a 90m-height building. 

Standard Wind effect 
𝒒𝒘𝒌 (kPa) 
Critical 

case 

𝒒𝒘𝒌 (kPa) 
Usual 
case 

NBR 6123:1988 

Global 2,3 1,3 

Local 1,9 1,1 

Local – New proposal 2,5 1,5 

EN 1991-1-4:2005 
Global 3,1 2,1 

Local 3,4 2,4 

ASCE 7-10 / 𝑮𝑪𝒑𝒆 
Global 2,7 1,2 

Local 3,2 2,6 

AS/NZ 1170.2:2011 / 𝑪𝒑,𝒆 
Global 1,6 1,1 

Local 3,3 2,5 

Source: author. 

 Design wind load and design criteria – Brazilian standard 

The design loads and the criteria for each limit state (ULS and SLS) have to be 

properly defined for the design of a structural system. Regarding a façade system, the 

ULS must be used to design the metal frame structure and the fixing systems, avoiding 

the collapse of the structure and the pull-through of the board.  

Ensuring that the ULS is properly met, the SLS criteria must be verified. For 

high-rise buildings, serviceability is an important design consideration, although it is 

sometimes the least understood. Regarding the main structure of the building, 

Sarkisian (2012) defines these serviceability criteria as the drift, the damping and the 

maximum acceleration of the building. 72 

For the façades systems this work proposes to define the SLS by the maximum 

horizontal displacement of the complete façade panel and by the crack initiation on the 
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external façades elements. In the case of fiber cement external boards, the most critical 

zones for cracking are the fixing screwed points. The maximum horizontal 

displacement of a façade is already limited by the Brazilian standard NBR 15575:2013. 

However, based on the architectonical significance of a façade, the presence of cracks 

can also be considered as a serviceability failure. The progression of cracking process, 

besides being an aesthetical problem, can compromise the water tightness of the 

building, increasing the building façade deterioration. For this reason, it is convenient 

to add a crack initiation criterion as a complement of the standards requirements. 73 

The proposed design criteria may be assessed taking into consideration the 

different wind effects. Global wind effects affect the design of the structural metal frame 

and the maximum displacement evaluation, whilst the local wind effects influence the 

analysis of the fixing points, that is, the pull-through strength and the crack initiation on 

the external board. 

Finally, the design loads are not the same considering ULS or SLS assessment. 

For safety reasons, the most critical case for wind loads determination will be used. It 

is important to reaffirm that a safety and economical solution demands a specific 

analysis for each project. For the ULS, the materials must fulfill all strength criteria. The 

Brazilian standards require using a load factor (𝛾𝑓) of 1,4 for wind loads. 29 

Load considerations for SLS depend on the analyzed criterion. For example, 

Ferrareto (2017) proposes using the 50-years return period for a ULS analysis and 1-

year or 10-year return period for a SLS analysis, mainly for comfort and dynamic 

analysis of the building structure. The serviceability wind load for cracks or irreversible 

damages due to excessive displacements can be defined using a load factor equal to 

0,8. This load factor, recommended by the Brazilian performance standard, converts 

the wind pressure calculated for a 50-year return period into an equivalent 10-year 

return period pressure. Under this SLS load, the maximum horizontal displacement of 

a lightweight façade panel must be 175 times less than the height of the façade panel, 

as required by the same Brazilian standard. 47; 73 

The proposal for ULS and SLS lightweight façades design criteria and its 

correspondent design (factored) wind loads is summarized in Figure 14. Taking the 

example presented in 2.3 and the results for the Brazilian standard shown in Table 19, 

the design wind loads can be defined. For the ULS criteria, the global wind-induced 
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pressure will be adopted as 𝑞𝑤𝑑 = 3,2 𝑘𝑃𝑎 and the local wind-induced pressure, as 

𝑞𝑤𝑑 = 3,5 𝑘𝑃𝑎. The serviceability loads (SLS) will be equal to 1,8 kPa for global effects 

and 2,0 kPa for local ones. 

Figure 14: Proposal for design wind loads and criteria to façade design, based on Brazilian standards 
requirements. 

 

Source: author. 

2.4.1. Design wind load for different building heights 

Following the same procedure exemplified in 2.3, the most critical design wind 

load can be defined for different building heights. Table 20 shows the results based on 

the Brazilian standard and on the considerations presented previously in this work. 

Table 20: Critical design wind-induced pressures based on Brazilian standards. 

𝒒𝒘𝒅 (kPa) 𝑼𝑳𝑺 𝑺𝑳𝑺 

Floors Height Global Local Global Local 

10 30 m 2,2 2,5 1,3 1,4 

15 45 m 2,5 2,8 1,4 1,6 

20 60 m 2,8 3,1 1,6 1,8 

25 75 m 3,0 3,3 1,7 1,9 

30 90 m 3,2 3,5 1,8 2,0 

35 105 m 3,3 3,6 1,9 2,0 

40 120 m 3,4 3,7 2,0 2,1 

Source: author. 
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 Concluding remarks 

The wind loads are the main forces to be considered for the design of a façade 

panel. Mainly in high buildings, those loads become quite relevant and all the façade 

components must be conceived to withstand the wind action. In addition, some of these 

components may be subjected to local wind effects, usually more severe than the 

global loads. For those reasons, the proper wind load definition is crucial to ensure a 

reliable design of a façade system. 

Around the world, different building codes follow the same framework reasoning, 

called the Davenport wind loading chain, to calculate the wind load for a project. 

However, each local standard provides a specific way to define those loads including 

different factors, pressure coefficients or even distinct meteorological interpretations. 

The consideration of local and global wind effects is one of the most important 

differences among the four building codes compared in this chapter. 

Contrary to the Brazilian standard, the three foreign codes present a clear 

distinction for a local or for a global wind analysis. Moreover, the wind pressure 

obtained by those codes are similar both for the critical case and the usual one. The 

Brazilian standard, conversely, has not had a precise differentiation of local or global 

effect. Furthermore, it is the only code that provides lower values for a local analysis, 

being less conservative than the other standards. Aiming to redress this particularity, 

a new importance factor was proposed in case of a local wind analysis. 

Finally, the loads must be defined observing the safety factors correspondent to 

an ultimate (ULS) or a serviceability analysis (SLS). Making this ponderation, the wind 

loads for façades design were defined based on the building height. This final load 

definition was proposed considering a critical case, including extreme suction wind 

effects and the worst combination of internal and external pressure coefficients. These 

values cannot be generalized, and they must be reviewed and redefined regarding the 

specificities and the context of each different project. 
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3. FIBER CEMENT BOARDS 

Numerical model input definition: Material behavior 

Fiber cement boards have been widely used for roofing, claddings, internal 

closings and external façades. As a fiber reinforced composite, the mechanical 

performance of these boards is very singular. Understanding the formulation, the 

production process, the constitutive law and the aging mechanisms of the composite 

is fundamental to describe the contribution of these boards in a façade system. The 

raw materials choices, specially the fibers specifications, can significantly influence the 

composite behavior, creating different microstructures and being able to transform a 

quasi-brittle into a ductile material. The production process defines the global 

composite performance and how to properly model its mechanical behavior. Finally, 

the aging mechanisms can generate additional loads and modify the composite 

behavior due to deferred effects over time.  

The constitutive law of the material starts by an elastic function, followed by a 

non-linear and ductile post-peak behavior dependent on the microstructure interactions 

between fibers and matrix. The laminated composite theory equations are resorted to 

properly represent the elastic phase of the boards, since its production process results 

in a laminated structure. 

The fibers choice must optimize the composite performance along with ensuring 

costs and raw materials availability. The first fiber cement technology was initially 

proposed using asbestos fibers, but over time, due to health risks, asbestos fibers have 

been replaced by alternative non-asbestos materials. These non-asbestos products 

are usually produced by two different industrial process: the Hatschek process, a 

filtering process combined with an air curing or an autoclaved curing post-treatment; 

or the open-mesh process producing a monolithic board reinforced by an embedded 

glass mesh. 

The air cured Hatschek process was firstly implemented using asbestos in fiber 

cement materials production. Nowadays, natural and synthetic fibers have been 

studied as substitutive raw reinforcing materials using the same production process. 

Celluloses, such as pine, sisal or jute, polyvinylacohol (PVA), polyethylene (PE), alkali-

resistance glass (AR-glass) and polypropylene (PP) are examples of alternative fibers 

used in non-asbestos Hatschek fiber cement products 74; 75. Both natural and synthetic 
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fibers tend to increase toughness and ductility in the hardened composite. Multiple 

cracking behavior can be accompanied by a pseudo strain-hardening depending on 

the fiber content 77; 78. These effects imply high ductility, large energy absorption 

capacity and high toughness of the material 76; 77; 78; 79. Polypropylene fibers represent 

less expensive cost and bigger availability compared to PVA or PE fibers. PP fibers 

will improve strength, toughness and ductility if they are properly treated to improve 

the interfacial bonding with the cementitious matrix, enhancing the composite 

performance 80; 81; 82. 

The cementitious matrix leaves the composite susceptible to carbonation 

reactions during its service life. In addition, fiber cement boards have a high porosity, 

enabling a significant dimensional variation due to moisture. Both, carbonation and 

moisture variation, act together, generating in-plane stress and modifying the material 

microstructure along the boards service life. 

This chapter describes and characterizes a fiber cement board produced in a 

Hatshcek machine using a mix of cellulose-pulp fibers and PP fibers by an air-curing 

process. The cellulose acts as a processing fiber, due to its compatibility with the 

Hatschek process, helping on the filtering step. Polypropylene fibers, once they are 

stiffer and stronger than pulp, are used as the primary reinforcement of the composite. 

First, the Hastchek air cured production process is presented. Then the 

constitutive law of the fiber cement is detailed with a description of the elastic and 

laminated theories, followed by a microstructure description of the fiber-matrix 

interactions and the main considerations regarding the fracture behavior of the 

composite. Next, the mechanical characterization of the boards is described through a 

three-point bending test and a direct tensile test. Lastly, a durability analysis is 

proposed to assess the carbonation level of an aged specimen and the aging 

consequences over the mechanical parameters, including stress-generated by 

moisture variation and shrinkage. 
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 Manufacturing Hatschek process 

The process starts by mixing cement, water, cellulose-pulp, PP fibers and fillers 

according to the formulation, as illustrated in Figure 15. This dilute suspension of 

cement, such as a cement slurry, is filtered on rotating cylinder sieves or vats. A thin 

layer, called monolayer, of about 0,3 mm-thickness is transferred from each sieve and 

accumulated on an endless running felt. Passing through some sieves, usually three 

or four, a layer up to 1,2 mm-thickness is formed. This layer is wound around a format 

roll and the process is repeated as often as required to achieve the expected thickness 

of sheet. The diameter of the format roll defines the length of the sheet. Once the 

desired thickness is achieved, the composite is cut and conformed. 75 

Fibers distribution should be ideally random. However, the production process 

promotes a partial fiber alignment in the longitudinal direction of the running felt. This 

fiber alignment, even partial, results in an orthotropic material with different behaviors 

in the longitudinal direction (fiber alignment) or in the transversal direction (orthogonal 

to the fiber alignment). 

The water content of the material is very high after this process. The hydration 

process continues, and cement hardens by an exothermic chemical reaction with 

water. Curing and drying process are held in an open ambient, resulting in air-cured 

products with great toughness and ductile fibers. Autoclaved curing process can also 

be used, resulting in steam cured products, but the use of autoclaves demands special 

attention on the fibers choice, since this process leads to a less alkaline matrix. 

Because the production process is based on laminating thin layers, 

delamination failure may be a big issue for the final board performance. Bond 

interaction between layers may be enhanced by applying polymer flocculants, as 

polyacrylamide, during the laminating process. Interlaminar bond strength may also be 

enhanced by applying a pressure at the end of the production process 83. 
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Figure 15: Layout of Hatschek machine. Example of production process using three cylinder sieves. 

 

Source: adapted from Saint-Gobain (2017). 
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 Constitutive law of fiber cement materials and fracture process 

The behavior of the fiber cement material is dependent on the structure of the 

composite. To describe the material properties, it is important to consider the three 

aspects: the bulk cementitious matrix, the shape and distribution of the fibers and the 

fiber-matrix interface interaction. The microstructure around fibers is significantly 

different from that away from the interface. The cementitious matrix on this interfacial 

transition zone (ITZ) is much more porous than in the bulk paste. 74 

The reinforcing fibers play an important role on the stress redistribution in the 

composite. After the first crack, the stress strength may ascend or descend depending 

on the fiber performance and on the fiber-matrix interface. The fiber bridging across 

the cracked matrix may promote a strength increasing after the first crack. This 

ascending behavior of the stress-strain curve is called strain hardening. In addition, 

fibers act improving material toughness through energy absorption mechanisms, such 

as the debonding and the pull-out. Different from the fiber bridging, debonding and pull-

out mechanisms may be present even with a descending stress-strain behavior after 

crack. The descending behavior of the curve is called stress softening. 74 

Usually, the stress-strain curve of a fiber cement presents, at least, three 

different stages. The first one, characterized by the Young’s modulus (E) or modulus 

of elasticity (MOE), is linear up to the first crack reaching a stress called limit of 

proportionality (LOP) in flexural tests or bend over point (BOP) for direct tensile tests. 

The LOP and BOP values are affected by the matrix properties, the fiber type, the 

volume fraction and the interfacial properties. Beyond this point, a second stage begins 

and the material behavior is further affected by the fiber-matrix interface characteristics 

and the ability of the fiber to carry out the load. 75 After, a third stage takes place 

corresponding to the fiber failure caused by the fiber rupture or by the fiber pull-out. 

The use of cellulose fibers makes the composite sensitive to moisture content 

variations. The hygroscopic nature of the natural fibers implies changes on the 

composite behavior. In wet condition, the cellulose fibers lose stiffness and gain 

ductility, providing strength decreasing and toughness increasing. In dry condition, 

fiber-matrix bond is stronger, as the result of hydrogen bridges enhancing. The 

composite failure is frequently characterized by the fiber pull-out on wetting, but the 

dominated failure mode in dry condition is the fiber rupture. 74 
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3.2.1. Elastic behavior – prior to cracking 

Fiber cement boards produced by the Hatschek method may be modeled as a 

laminated material due to the laminating production process. Each single ply 

(monolayer) may be characterized in strength, stiffness, thermal and moisture 

dimensional variation. The behavior of the global composite can then be predicted 

using the laminated theory. Figure 16 illustrates a generic schema of a layered 

material. The cartesian coordinates x, y and z will be adopted as the longitudinal (along 

fibers), the transverse and the thickness direction, respectively. 

Figure 16: Cross section view of a generic laminated material. 

 

Source: Hyer (2009). 84 

As presented in 3.1, fibers have a preferential orientation. Hence, the boards 

may be considered orthotropic in the plane of the layers, and mechanical properties 

must be defined in the direction along the fibers (longitudinal direction) and 

perpendicular to the fibers (transverse direction). Each layer is considered an isotropic 

transversal material. 

Assuming the layer as a unidirectional material, its elastic linear behavior can 

be described by five independent elastic constants. Hooke’s law is then written directly 

by ( 6 ) using the engineering matrix notation for stress and deformation fields. 𝐶 is the 

elastic stiffness tensor. 85 

𝜎 = 𝐶: 휀 ⇒

(

  
 

𝜎𝑥𝑥
𝜎𝑦𝑦
𝜎𝑧𝑧
𝜎𝑦𝑧
𝜎𝑥𝑧
𝜎𝑥𝑦)
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0
0
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0
0
0
0
𝐶66
0

0
0
0
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0
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휀𝑥𝑥
휀𝑦𝑦
휀𝑧𝑧
𝛾𝑦𝑧
𝛾𝑥𝑧
𝛾𝑥𝑦)

 
 
 

 ( 6 ) 
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The elastic coefficients can also be represented by the engineering constants: 

elastic longitudinal modulus (𝐸𝐿), elastic transverse modulus (𝐸𝑇), shear modulus (𝐺𝐿𝑇) 

and the Poisson’s coefficients (𝜈𝐿𝑇 , 𝜈𝑇𝑇). The engineering constants can be obtained 

by unidirectional tests and they are expressed by ( 7 ). 85 

𝐸𝐿 = 𝐶11 −
2𝐶12

2

𝐶22 + 𝐶23
;  𝐸𝑇 = 𝐶22 +

𝐶12
2 (𝐶22 − 2𝐶23) + 𝐶11𝐶23

2

𝐶12
2 − 𝐶11𝐶22

 

𝜈𝐿𝑇 =
𝐶12

𝐶22 + 𝐶23
;  𝜈𝑇𝑇 =

𝐶12
2 − 𝐶11𝐶23
𝐶12
2 − 𝐶11𝐶22

;  𝐺𝐿𝑇 = 𝐶66 

( 7 ) 

The modulus of elasticity of the composite can be predicted by the rule of 

mixtures. It must be considered as a variable dependent on the fiber volume fraction 

content (𝑉𝑓) in a direction, and on the moduli of elasticity of the matrix (𝐸𝑚) and fibers 

(𝐸𝑓). As a plane orthotropic material, modulus of elasticity on each direction (𝑥-

longitudinal and 𝑦-transverse) is different. The elastic longitudinal modulus can be 

defined as ( 8 ), and the transverse elastic modulus is done by ( 9 ). Accordingly, the 

shear modulus can be written as ( 10 ). Assuming that fiber and matrix are isotropic 

materials, it is possible to obtain their respective shear modulus 𝐺𝑓 and 𝐺𝑚 using 

relation ( 11 ). 85 

𝐸𝐿 = 𝐸𝑚(1 − 𝑉𝑓) + 𝐸𝑓𝑉𝑓 ( 8 ) 

1

𝐸𝑇
=
(1 − 𝑉𝑓)

𝐸𝑚
+
𝑉𝑓
𝐸𝑓

 ( 9 ) 

1

𝐺𝐿𝑇
=
(1 − 𝑉𝑓)

𝐺𝑚
+
𝑉𝑓
𝐺𝑓

 ( 10 ) 

𝐺 =
𝐸

2(1 + 𝜈)
 ( 11 ) 

Since the fiber volume and its elastic modulus are relatively low, it can be noted 

that the composite elastic behavior is mostly driven by the matrix characteristics. 

However, even if they do not provide a relevant contribution for the elastic modulus 

enhancing, fibers contribute to increase the material strength and toughness. The fiber-

matrix interaction is the main responsible for this fiber contribution. For this reason, 

different elastic moduli can be expected in the longitudinal or in the transverse direction 



79 

 

of the board. On the other hand, the ultimate strength and toughness are expected to 

be significantly higher in the longitudinal direction than in the transverse one. 74; 85 

3.2.2. Elastic behavior – laminated composite theory 

In 3.2.1, the elastic behavior of a single fiber cement layer has just been 

presented. However, as described in 3.1, fiber cement boards are formed in a 

laminating process. The final material is a multi-layer material with stacked plies. 

Accordingly, the classical lamination theory can be used to represent the structural 

response of the boards. This approach becomes interesting in order to evaluate the 

influence of layer thickness and number of layers on the elastic behavior of the boards. 

The classical lamination theory is based on the plates theory with additional 

hypothesis, taking into account an infinite combination of stacking arrangements and 

fibers orientation. In this study, the problem will be simplified even with a laminated 

material. Despite an orientating screw in each vat to promote the misalignments of 

fibers in a real machine, all layers can be presumed identical and disposed (stacked) 

on the same direction. Thus, the structural response formulation can be simplified. 85 

Each layer can be considered as a plate, in order to obtain its mechanical 

behavior description. A plate can be defined as a three-dimensional structure with one 

dimension (thickness) much lower than the others; thus, having a zero-stress 

constraint. For homogenous plates, displacements and rotations are described as a 

function of its mean surface.  

If the ratio of the length by thickness is greater than 20 (L>20h), plates are 

classified as “thin plates”. In this case, shearing may be neglected due to the small 

thickness, and the displacement field is described using the Kirchhoff-Love theory. On 

the other hand, with more important thickness values, plates are classified as “thick 

plates”. Thus, the Mindlin-Reissner plate theory can be applied, which considers the 

shear stress distribution through the board thickness, and proposes to represent it by 

a parabolic function. 84; 85; 86 

Considering that the fiber cement boards are commonly 10mm-thickness (at the 

most, 12mm), the Kirchhoff’s hypothesis can be assumed (𝛾𝑥𝑧 = 𝛾𝑦𝑧 = 0), and the 

board can be modeled as a thin plate. The displacement field assumption results in a 

deformation field, composed by a reference surface strain component and by a 
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reference surface curvature component. In addition, plane stress state was assumed, 

which results in 𝜎𝑧𝑧 = 0. 

With these hypothesis, the relation ( 6 ) is rewritten for each layer adopting the 

plane stress state. 𝑄 is called local reduced stiffness matrix. The superscript σ is used 

to signal the plane stress formulation, shown in ( 12 ). 

𝜎𝜎 = 𝑄: 휀𝜎 ⇒ (

𝜎𝑥𝑥
𝜎𝑦𝑦
𝜎𝑥𝑦
) = (

𝑄11 𝑄12 0
𝑄12 𝑄22 0
0 0 𝑄66

)(

휀𝑥𝑥
휀𝑦𝑦
𝛾𝑥𝑦
)

=

(

  
 
𝐶11 −

𝐶12
2

𝐶22
𝐶12 −

𝐶12𝐶23
𝐶22

0

𝐶12 −
𝐶12𝐶23
𝐶22

𝐶22 −
𝐶23
2

𝐶22
0

0 0 𝐶66)

  
 
(

휀𝑥𝑥
휀𝑦𝑦
𝛾𝑥𝑦
) 

( 12 ) 

The standard hypothesis states that the total displacement is composed by a 

membrane behavior component and by a bending behavior component. Hence, the 

surface deformations are given by ( 13 ), where 휀𝑚 is the field of membrane strains 

and 𝜑 is the field of surface curvatures. 

휀𝜎 = 휀𝑚 + 𝑧𝜑 ⇒ (

휀𝑥𝑥
휀𝑦𝑦
𝛾𝑥𝑦
) = (

휀𝑥𝑥
0

휀𝑦𝑦
0

𝛾𝑥𝑦
0

) + 𝑧 (

𝜑𝑥
𝜑𝑦
𝜑𝑥𝑦

) ( 13 ) 

Integrating equation ( 12 ) with the strain field done by ( 13 ), the resultants force 

(𝑁) and moment (𝑀) on the board are obtained. These resultant expressions are 

written in ( 14 ) and ( 15 ), respectively. 𝑁 is also called membrane forces. 

𝑁 = 𝐴: 휀𝑚 + 𝐵: 𝜑 ( 14 ) 

𝑀 = 𝐵: 휀𝑚 +𝐷: 𝜑 ( 15 ) 

Matrix 𝐴, 𝐵 and 𝐷 are called laminated stiffness matrices. 𝐴 is the membrane 

stiffness matrix; 𝐷 is the bending stiffness matrix and 𝐵 is the membrane-bending-

torsion coupling matrix. The laminated stiffness matrices are written as a function of 

the reduced stiffness matrix, thickness and orientation of each layer. In case of 

symmetric stacking sequences, there is no coupling effect between membrane and 

bending/torsion effects. Hence, 𝐵 = 0 for the boards studied in this work. 85; 86 
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Once the layers are assumed identical, the tensor 𝑄 is the same for each layer, 

as well as the thickness. Accordingly, tensors 𝐴 and 𝐷 are respectively given by ( 16 ) 

and ( 17 ), where 𝑡𝑖 is the layer thickness, 𝑛 is the total number of layers and 𝑧𝑘 is the 

𝑧-coordinate of the mean surface of layer 𝑘. 

𝐴 = 𝑛. 𝑡𝑘 . (
𝑄11 𝑄12 0
𝑄12 𝑄22 0
0 0 𝑄66

) ( 16 ) 

𝐷 = (
𝑛. 𝑡𝑘

3

12
+ ℎ∑𝑧𝑘

2

𝑛

𝑘=1

) . (
𝑄11 𝑄12 0
𝑄12 𝑄22 0
0 0 𝑄66

) ( 17 ) 

The effect of the layer thickness and the number of layers can then be assessed 

in each case through the analysis of a direct tensile test, and of a 3-point bending test. 

In the first one, only the membrane effects will be observed, so the elastic 

homogenized parameters will be defined as a function of 𝐴. The second test, a pure 

bending analysis, will give results related to matrix 𝐷. 

3.2.2.1. Direct tensile test formulation – membrane efforts 

Consider a rectangular laminated board with a symmetric stacking sequence 

and infinite length, submitted to an axial force F on the same direction of the fibers. 

The force is distributed in a width equal to b, and it is taken as applied on the mean 

surface of the board, which thickness is 𝑡.  

In this case, only membrane efforts are solicited. From equation ( 14 ): 

𝑁 = 𝐴: 휀𝑚 ⇒ (
𝐹/𝑏
0
0

) = 𝑛. 𝑡𝑘 . (
𝑄11 𝑄12 0
𝑄12 𝑄22 0
0 0 𝑄66

)(

휀𝑥𝑥
휀𝑦𝑦
𝛾𝑥𝑦
) ( 18 ) 

The equivalent global stress on the longitudinal direction is due to the 

distribution of Nx through the thickness 𝑡. Board thickness is given by the product of 

the number of layer by the layer thickness (𝑛. 𝑡𝑘). Hence, equation ( 18 ) shows that 

the longitudinal elastic modulus (𝐸𝐿) of the laminated composite are independent of the 

layer thickness or the number of layers. Expressions ( 19 ) show the relation between 

the reduction stiffness coefficients and the engineering constants. Using the same 

reasoning, these conclusions can be extended to the transverse elastic modulus and 

the Poisson’s coefficients too. 
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𝑄11 =
𝐸𝐿

(1 − 𝜐𝐿𝑇
2 𝐸𝑇
𝐸𝐿
)
; 𝑄22 =

𝐸𝑇
𝐸𝐿
𝑄11;  𝑄12 = 𝜐𝐿𝑇𝑄22;  𝑄66 = 𝐺𝐿𝑇 

( 19 ) 

 

3.2.2.2. 3-point bending test formulation – pure bending efforts 

Consider a board simply supported on two parallel edges. The distance between 

the supports are taken as L. The 3-point bending test consists of applying a linear 

distributed load trough the board width (b) at mid-span (L/2), as shown in Figure 17.  

Figure 17: 3-point bending test configuration. 

 

Source: Berthelot (2010). 85 

Assuming the hypothesis of the vertical displacement is only a function of the x-

direction (beam hypothesis), then 𝜑𝑦 = 0. In this case, there are only bending effects, 

and from equation ( 15 ): 

𝑀 = 𝐷:𝜑 ⇒ (
−𝑃𝑥 2⁄
0
0

) = (
𝐷11 𝐷12 0
𝐷12 𝐷22 0
0 0 𝐷66

)(

𝜑𝑥
0
𝜑𝑥𝑦

) ( 20 ) 

Resolving ( 20 ), the maximum vertical displacement (𝑤𝑐 - at mid-span), the 

flexural stiffness (𝐸𝑥), the maximum normal (𝜎𝑥𝑥) and shear stress distribution (𝜎𝑥𝑧) can 

be found. Expressions ( 21 ) to ( 24 ) show the results for the laminated with identical 

layers stacked on the same direction. 85 

𝑤𝑐 =
𝑃𝐿3

4𝑏𝑡3𝐸𝑥
 ( 21 ) 

𝐸𝑥 =
12𝐷11
𝑡3

 ( 22 ) 

𝜎𝑥𝑥 =
3𝑃𝐿

2𝑏𝑡2
 ( 23 ) 

𝜎𝑥𝑧 =
3𝑃

4𝑏𝑡
(4 (

𝑧

𝑡
)
2

− 1) ( 24 ) 
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3.2.3. Fiber-matrix interaction 

Assuming that the elastic strain (휀) in a point is the same for the matrix and for 

the fiber, the stress in the composite (𝜎𝐶) up to the first crack may be written as a 

function of the weighted average of the stress in the matrix (𝜎𝑚) and the stress in the 

fiber (𝜎𝑓). Equation ( 25 ) shows the composite stress in the longitudinal direction, 

improved by the fiber content. 

𝜎𝐶 = 𝜎𝑚(1 − 𝑉𝑓) + 𝜎𝑓𝑉𝑓 = 𝐸𝑚휀(1 − 𝑉𝑓) + 𝐸𝑓휀𝑉𝑓 = 𝐸𝐶휀 ( 25 ) 

If the load-bearing capacity of the fibers (𝜎𝑓𝑢𝑉𝑓) is greater than the first crack 

load of the composite, catastrophic failure will be prevented. First crack stress can be 

written in function of the first crack strain of the matrix (휀𝑚𝑢). Therefore, equation ( 26 

) defines the condition to be respected in order to avoid catastrophic failure. 74 

𝜎𝑓𝑢𝑉𝑓 > 𝐸𝐶휀𝑚𝑢 ( 26 ) 

Li and his co-authors (1992) stated the microstructural conditions to improve 

toughness and ductility, promoting the so-called pseudo strain-hardening behavior of 

cementitious materials using short random fibers 87; 88; 89. A critical fiber volume must 

be overcome to ensure the composite failure transition from quasi-brittle to a non-

catastrophic mode. This critical value depends on the matrix toughness, on the 

interfacial bonding and on the geometry (length and diameter) of the fibers. When the 

fiber volume is below the critical value, then the composite presents a strain-softening 

behavior. If the fiber content is higher than the critical value, the fiber bridging transfers 

the stress on a crack-tip back into the matrix, forming more micro cracks, and the final 

failure occurs when one of these multiple cracks forms a fracture plane 90.  

The first crack on the composite is driven by the matrix properties and the fiber-

matrix interaction. Beyond the crack, matrix is assumed to not contribute anymore to 

the composite strength. Therefore, fibers act increasing material toughness through 

dissipative means, such as fiber debonding or fiber pullout, and they control the crack 

growing by bridging mechanisms 75. After the first crack, with an optimum fiber volume 

content, the stress is redistributed. In the cracked region, the stress in the matrix is 

transferred to the fiber, leading to a stress-free matrix at crack edges. Increasing 

external load, the additional stress will be redistributed by the fibers and withstood far 

away in other matrix points, creating new cracks. This process is called multiple 

cracking 74.  
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External load is distributed between fiber and matrix by the development of an 

interfacial, non-uniform shear stress, along the interface. As fiber and matrix have a 

different elastic modulus, the stress transfer occurs providing the same strain at fibers 

and at the matrix. Before cracking, elastic shear stress transfer is the dominant 

mechanism, and it influences the LOP and BOP results. Once the interfacial stress 

reaches the adhesion shear bond strength (fiber-matrix shear strength), debonding 

initiates, and the stress transfer is driven by frictional slip. 74 

Prior to cracking, the matrix to fiber stress-transfer occurs by elastic 

mechanisms. Different models were proposed based on the shear lag theory to predict 

the debonding. The stress in a matrix point is transferred to the fiber by a shear stress 

in the end zone of the fiber. The shear stress decreases gradually, building up tensile 

stress from fiber end moving inwards. In this elastic phase, tensile stress reaches its 

maximum at the center of the fiber and shear stress, at fiber ends. 

After cracking, once fiber-debonding was initiated, the shear stress distribution 

in the fiber can be described by a combination of frictional slip near the crack opening 

and elastic debonding away from it. These mechanisms are responsible to ensure the 

fiber bridge across the cracks, preventing catastrophic failures. The shear stress is 

governed by the fiber geometry (radius and length), by the modulus of elasticity of the 

fiber and by the shear modulus of the matrix. Figure 18 presents schematically the 

shear stress combined modes in a fiber after matrix cracking and fiber debonding. 𝜏𝑓𝑢 

is the frictional shear stress in the fiber and 𝜏𝑎𝑢 is the fiber-matrix shear strength. 

The composite toughening is related to this fiber-matrix interface behavior. Fiber 

bridging is improved if fibers are able to slip, with friction, into the matrix. The material 

is more ductile if failure occurs by fiber pull-out than if the fibers break. Many models 

are proposed to represent the load-slip response of the fiber into a matrix. These 

models intend to represent the stress transfer and crack bridging. Interface 

strengthening mechanisms, such as fiber surface modification or fiber fibrillation, have 

been proposed by different authors 91; 92. These techniques intend to enhance the 

global behavior of the composite, optimizing the fiber-matrix interaction. 

For asbestos-based products, for example, the fiber-matrix bonding was too 

high, and the material usually failed by fiber breakage with a reduced fiber slipping. 

High toughness PP-fibers provide a good fiber-matrix interaction, improving material 
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toughness, avoiding brittle failure and allowing the fiber-slippage before breaking 80. In 

addition, the fiber-matrix interface behavior of natural fibers has been studied in order 

to understand how to improve strength and toughness using cellulose fibers 93.  

Figure 18: a) Partially debonded fiber configuration with combined elastic and frictional behavior. b) 
Interface shear stress distribution along a fiber immediately after cracking. 

 

a) 

 

b) 

Source: adapted from Bentur and Mindess (2007). 74 

3.2.4. Fracture mechanics and post-peak behavior 

Fracture process in a material begins with the crack initiation followed by the 

crack propagation. The existence of micro cracks facilitates the crack propagation once 

the material is loaded. If the strain energy accumulated close to the initial crack reaches 

the energy required to create new surfaces, then crack grows.  

Catastrophic crack occurs when the system releases more energy than it 

absorbs during crack growing. In these cases, once crack propagation initiates there 

is a fast process. This phenomenon can be described by the Griffith’s theory, 

considering that crack propagation is imminent when the strain energy release rate is 

equal to the surface energy. The linear elastic fracture mechanics (LEFM) was the first 

approach used to predict material failure. LEFM assumes that the stress field on the 

crack region can be described by the theory of elasticity with a singularity at the crack 

tip. This approach is defined by two main parameters: the critical strain energy release 

rate (𝐺𝑐) and the critical stress intensity factor, also called fracture toughness (𝐾𝑐).
75; 94 

However, LEFM is adequate to describe brittle materials. A plastic model was 

created by Dugdale (1960), fitting very well the fracture behavior of metallic materials, 
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assuming the occurrence of a plastic zone near the crack tip. In this case, the strain 

energy release rate considers also a portion of plastic energy dissipation 94; 95. In case 

of fiber reinforced materials, to account for the post-cracking behavior, the elasto-

plastic theory, or the non-linear fracture mechanics, appears as more accurate. The 

crack propagation in fiber cement boards is not catastrophic. Actually, fibers act 

inhibiting the unstable crack propagation. Contrary to the LEFM theory, in fiber cement 

materials there is a non-linear dissipative zone at the crack tip. 

To model this crack stabilization, it is important to take into account the gradual 

decrease of stress at crack edges. Hillerborg et al. (1976) propose the fictitious crack 

model to represent fracture in fiber reinforced concrete 96. Their contribution is the 

assumption of a crack longer than the measured one, considering a process zone in 

the matrix where microcraking takes place. These cohesive crack models consider, in 

addition, a stress transferring from one face to another of the crack, once it is opened. 

They set the fracture energy (𝐺𝑓) as the main parameter to describe the fracture 

process also considering this process zone and the cohesive stress field. Fracture 

energy is defined as the energy dissipated by area during cracking progress due to the 

additional deformation of the damage zone 97. Figure 19 illustrates the stress field 

around a crack, showing the three distinct zones: traction-free zone; fiber bridging and 

the matrix process zone. Li and his co-authors (1992) propose a steady-state cracking 

propagation theory for fiber cement materials 89. Their works aim to provide analytical 

models to account for stress softening and strain hardening in fiber cement composites 

98; 99; 100. On these models, fibers are taken as elastic springs that are charged in case 

of strain–hardening composites, or unloaded to simulate a stress softening behavior. 

The use of the tensile stress-strain curve was proposed by different authors as 

an experimental manner to determine the fracture energy of a cementitious composites 

101; 102; 103. The RILEM recommends the three-point bend test on a notched beam to 

characterize the fracture energy, as defined by Hillerborg (1976) 104. However, it has 

been demonstrated that a size-effect must be considered in order to assess reliable 

results. 



87 

 

Figure 19: Idealized representation of the stress field around an advancing crack. 

 

Source : Bentur and Mindess (2007). 74 

 Mechanical characterization 

Three experimental tests were done in order to characterize the fiber cement 

material behavior. This experimental characterization provides the material input 

parameters for numerical modeling. The tests were chosen with different objectives: 

 Three-point bending test: to characterize the bending behavior of the 

composite by means of the same test used in the quality control process 

of fiber cement boards production; 

 Direct tensile test: to highlight the fiber cement cracking behavior and its 

effects. The stress-strain curve is obtained marking the multiple cracking, 

the fiber bridging and the fiber pullout processes; 

 Work of fracture RILEM method: to measure the fracture energy of the 

composite. It is a three-point bending test on a notched beam. The work 

of fracture corresponds to the area under the force-displacement curve. 

The analyses were performed on fiber cement boards samples produced in an 

air-cured Hatschek process, as described in 3.1. Table 21 indicates the raw 

composition of the boards, including the mass fraction content (𝑚), the mass density 

of each material (𝜌) and the correspondent volume fraction content (𝑉). From the 

results on volume fraction content, the void fraction on the composite can be estimated 

around 45%. 
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Board specimens for all tests were cut in a water jet machine. The specimens 

were cut away from the board edges, in order to avoid or reduce any edge effect. The 

water jet cutting, as illustrated by Figure 20, ensures right and uniform edges, 

minimizing geometrical imperfections for any specimen shape. 

Table 21: Raw materials composition of fiber cement board. 

Component 𝒎 𝝆 (g/cm³)* 𝑽** 

PP fiber 1,8% 0,91 3,0% 

Cellulose fiber 3,2% 1,62 3,0% 

Cement 41,8% 3,12 20,2% 

Limestone filler 53,2% 2,82 28,5% 

*1) Houang et al. (2005) 105; 2) Dias et al. (2010) 106 

**𝑽𝒊 = 𝒎𝒊
𝝆𝑪

𝝆𝒊
, where 𝝆𝑪 is the composite measured density of 1,5 g/cm³ 

Source: author. 

Three different sample conditioning were adopted: 

 Ambient condition: laboratory ambient conditions (23 ºC and 50% RH); 

 Wet condition: immersion in water at ambient temperature; 

 Dry condition: drying in a ventilated oven at 60 ºC. 

Figure 20: Water jet cutting machine. Samples preparation. 

 

Source: author. 

In all cases, tests were carried out after mass stabilization on the correspondent 

conditioning process. Mass stabilization was defined as a mass change less than 0,1% 

between two consecutive measures after at least 24 hours. Three measurements were 

done per day, with an interval of at least 3 hours between each one. It took the drying 

process of 10 mm boards at least 48 hours to achieve the mass stabilization condition, 

whereas wetting by immersion, around 72 hours as evidenced in Figure 21. 
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Figure 21: Mass stabilization during sample conditioning . 

 

Source: author. 

3.3.1. Three-point bending test 

As a façade component, the flexural behavior of the fiber cement boards is an 

important characteristic of this structure. To assess the bending behavior, the three-

point bending test is suggested by different standards and authors 34; 107; 108. For this 

work, the three-point bending test was performed following the Brazilian standard for 

fiber cement products without asbestos – NBR 15498:2016.  

Five samples of 250 mm x 250 mm x 10 mm were tested in each conditioning 

state. All samples were stored during 3 months in laboratory conditions. Testing was 

performed in a universal testing machine Instron with a controlled displacement and a 

load cell of 5 kN. The testing set-up is illustrated in Figure 22. 

Figure 22: Test apparatus and sample positioning for the three-point bending test. 

 

Source: author. 

As the material is plane orthotropic, all samples were tested on the longitudinal 

and on the transverse direction. Modulus of elasticity (MOE), the first crack stress 

(LOP) and the ultimate flexural stress, or modulus of rupture (MOR), are calculated 

using the elastic bending theory, such as presented in 3.2.2.2 and as indicated on the 



90 

 

applicable standards The MOE is the slope of the initial straight-line of the force-

displacement curve after the experimental grip device accommodation. The LOP is the 

equivalent stress obtained by the upper limit force of this straight-line. The MOR is the 

ultimate stress, obtained from the maximum force reached by the material. It is 

important to highlight that even if the standards indicate the use of linear equations to 

calculate the MOR, this ultimate stress is usually achieved beyond the elastic linear 

behavior of the material and this approximation can be inaccurate in this post-cracking 

regime, though. Another limitation of this test is the assumption of bending equations 

for small deflections: in the case of fiber cement boards, the deflections can reach high 

values, and the real bending moment is higher than the test provided value. 

Figure 23 presents the average load-displacement curve obtained for dry, wet 

and ambient samples tested both in the longitudinal and transverse direction. A lower 

fiber contribution can be observed when the composite is solicited in the transverse 

direction, resulting in smaller strength values (MOR). The MOR relation between the 

two directions (𝐿 𝑇⁄ ≈ 1,7) confirms the assumption of considering a preferential fiber 

orientation in the composite. On the other hand, the LOP values are quite closer for 

both directions (𝐿 𝑇⁄ ≈ 1,2), confirming that this value is mainly driven by the 

cementitious matrix properties. 

Furthermore, as expected, the material proves to have a non-linear behavior. 

Its linear limit is defined by the LOP value, and corresponds to the strength of the 

cementitious matrix. This linear behavior is observed only during the initial and lower 

displacements and its definition is not always clearly marked in the curves. The 

variability of the linear parameters (MOE and LOP), presented in Table 22, with 

coefficients of variation reaching 10% to 15%, indicates the variability of the materials 

and the limitation to take linear models to define it. 

It can be seen that the hygrometric conditions have an important influence on 

the material strength and on the softening behavior (post-peak). The elastic behavior 

has a significant changing in a wet condition, with a significant reduction of the MOE. 

In terms of fracture mechanics, the main differences observed are the differences on 

the damage initiation point (LOP), the material strength (MOR), and on the fracture 

energy, obtained by the area under the load-displacement curve. The strain hardening, 

an indicator of the fibers’ contribution, does not appear, even in the wetting condition. 
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Figure 23: Load-displacement average curve for the three-point bending test in different hygrometric 
conditions. 

  

Source: author. 

Finally, results showed that boards present the greatest ultimate strength in 

ambient conditions, without drying or saturation. However, the LOP was increased by 

the drying process, confirming that the cementitious matrix becomes strengthened in 

drier conditions. A reduction in the material porosity due to drying can explain this LOP 

and MOE increasing.109; 110 The water absorption promotes the reduction of fiber-matrix 

bond. As the cellulose absorbs a lot of water, the composite becomes significantly 

weaker when wet 111. On the other hand, material toughness is increased in saturated 

conditions due to fiber-slipping improvement. 

Table 22: Flexural characterization of a 10mm-board in different hygrometric conditions following 
ABNT NBR 15498:2016. Average results from five samples for each condition. 

Hygrometric 
condition 

MOE (GPa) LOP (MPa) MOR (MPa) Energy (N.m) 

L T L T L T L T 

Ambient 
8,4  

± 0,7  
5,9 

± 0,9 
5,9 

± 0,4 
5,2 

± 0,9 
14,1 
± 0,4 

7,9 
± 0,3 

28,4 
± 0,9 

15,0 
± 0,9 

Wet 
4,2 

± 0,6 
2,7 

± 0,4 
4,5 

± 0,2 
3,8 

± 0,5 
9,4 

± 0,5 
5,5 

± 0,2 
31,2 
± 1,5 

14,9 
± 1,7 

Dry at 60°C 
7,1 

± 0,6 
5,7 

± 1,6 
7,5 

± 0,6 
6,5 

± 0,6 
10,5 
± 0,7 

6,7 
± 0,6 

20,3 
± 2,0 

12,1 
± 0,8 

Source: author. 

3.3.2. Direct tensile test 

The direct tensile test has been proposed by different authors to demonstrate 

the tensile strain-hardening behavior and the enhanced ductility of fiber reinforced 

cementitious materials 112; 113; 114; 115; 116. Dogbone-shaped samples are used with 
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dimensions designed to avoid failure near the grips and to induce cracking at the 

central area of the specimen, as illustrated in Figure 24a. 

The specimens were tested under displacement control in a 5 kN capacity 

Shimadzu AGS-X universal testing system. A displacement rate of 0,5 mm/min was 

adopted to simulate a quasi-static loading application. Additionally, the specimen 

positioning and the grips alignment must be done very cautiously intending to avoid 

the bending of the specimen. A bi-dimensional strain-gauge was glued at the center of 

the specimen, as evidenced in Figure 24b. The use of a bi-dimensional sensor allows 

the determination of the material Poisson’s coefficient. 

The tensile response of the material is characterized mainly by the first cracking 

tensile strength, also called Bend Over Point (BOP), and by the Ultimate Tensile 

Strength (UTS). The fracture energy (𝐺𝑓) is estimated by the area under the force 

versus displacement curve. It was not possible to correctly measure the deformations 

after the first cracking formation using the strain-gauges, since the post-peak behavior 

engages large and plastic deformations beyond the measure range of these 

instruments. Nonetheless, elastic deformations were properly quantified. 

Figure 24: a) Geometry of dogbone-shaped specimens.  b) Test apparatus to direct tensile test in a 
specimen with strain gage.  

 

a) 

 

b) 

Source: author. 
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Figure 25 highlights the fiber-bridging mechanism, and the different failure 

stages (matrix cracking, fiber-bridging and fiber pull-out) are marked when the board 

is loaded in both directions. The role of the fibers, such as in the three-point bending 

test, is easily visualized in wet condition for both directions. The fiber-bridging behavior 

implies multiple cracking process, as explained in 3.2.3, and evidenced in Figure 26. 

The main mechanical parameters obtained are summarized in Table 23.  

Table 23: Tensile characterization of a 10mm-board in wet and ambient conditions. Average results 
from three samples for each condition. 

Hygrometric 
condition 

E (GPa) BOP (MPa) UTS (MPa) Gf (N/mm) 

L T L T L T L T 

Ambient 
4,2 

± 0,4 
3,3 

± 0,2 
3,0 

± 0,2 
2,3 

± 0,1 
3,3 

± 0,2 
2,5 

± 0,1 
14,8 
± 0,2 

7,4 
± 0,1 

Wet 
3,4 

± 0,6 
2,7 

± 0,5 
1,2 

± 0,1 
1,6 

± 0,1 
2,5 

± 0,2 
2,0 

± 0,1 
18,6 
± 0,5 

12,1 
± 0,3 

Source: author. 

The elastic moduli obtained by direct tensile test on longitudinal direction are 

lower than those obtained on the bending test. It may be a reflex of the load not applied 

exactly on the axis of the specimen. Additionally, Benouis (1995) suggests that on the 

bending test, a part of the thickness keeps resisting after the crack starts on the traction 

(bottom) surface, whilst on the direct tensile test the crack is quasi homogeneous 

through the thickness 117. 

Figure 25: Tensile average response of the board in wet and in ambient conditions. 

  

Source: author. 
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Furthermore, the MOR obtained with the three-point bending test is several 

times higher than the UTS obtained by the uniaxial tensile test. This difference, 

previously reported by many authors, is attributed to size effect, to the nature of the 

loading or even to the non-uniform fibers distribution in the composite 118; 119; 120. In a 

direct tensile test, the polypropylene fibers are mobilized only under large strains. In 

turn, smaller deformations are sufficient to obtain strengthening in bending.  

Figure 26: Multiple cracking process due to fiber-bridging in the direct tensile test. 

 

Source: author. 

3.3.3. Work of fracture 

Aiming to verify the fracture energy of the fiber cement material, the RILEM 

method was used 104. The test was worked out, as illustrated in Figure 27, in a 

Shimadzu AGS-X universal testing machine under a displacement rate of 1mm/min. 

Rectangular samples of 250mm x 50mm x 10mm were used, with a free span of 80mm.  

Xu et al. (2018) showed that the fracture energy (𝐺𝑓) is linearly correlated to the 

notch length and dependent on the boundaries of the so-called fracture process zone 

(FPZ) 121. A first approximation of the size-dependence of fracture results is obtained 

by testing two different notches length (𝑎 = 10𝑚𝑚 and 𝑎 = 20𝑚𝑚). As expected, 

Figure 28 proves that the results are dependent on the notch length. The curves 

reaffirm, in addition, the influence of the wet condition in the material strength and 

toughness, such as observed in the previous bending and tensile tests. 

The fracture energy values of the 20mm-notched samples are close to the 

values obtained by the direct tensile test, as summarized in Table 24. These results 

can be confirmed through a numerical analysis; however, a more extensive 
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experimental program must be proposed if it is necessary to assess the complete size-

dependence description of the fracture parameters. 

Figure 27: RILEM work of fracture testing set-up. 

 

Source: author. 

Figure 28: Work of fracture results. Load versus displacement average curves for samples with 
different notch lengths and in different conditioning states. 

 

Source: author. 

Table 24: Fracture energy and crack initiation stress (𝜎𝑐𝑟) obtained by the RILEM method. Average 
results from three samples for each condition. 

Hygrometric 
condition 

Notch 
length 
(mm) 

𝝈𝒄𝒓 
(MPa) 

𝑮𝒇 

(N/mm) 

Fracture energy 
obtained in the direct 

tensile test (N/mm) 

Ambient 
10 

8,9 
± 0,1 

27,3 
± 9,3 

14,8 

20 
5,7 

± 0,1 
13,7 
± 0,9 

Wet 
10 

7,6 
± 0,1 

42,0 
± 1,3 

18,6 

20 
4,1 

± 0,1 
22,0 
± 1,0 

Source: author. 
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 Durability analysis 

Aging of fiber cement composites results in changes in the mechanical behavior 

of the material. Changes in strength and toughness are the most common effects 

observed in long-term 123; 124. These changes can be explained mainly by the matrix 

changes, by the fiber degradation due to the chemical attack and by the fiber-matrix 

microstructure and interaction modification. Different authors have been addressing 

this problem, investigating the influence of the fibers and of the matrix composition on 

the material aging, mainly regarding the use of natural fibers 122; 123; 124; 125.  

The main aging agents for fiber cement in façades are rain water, heating and 

carbonation 126. Using PP fiber, aging effects act mainly on the matrix behavior. Fiber 

strength and fiber-matrix bond tend to remain constant, and the reinforcement PP fiber 

tends to maintain its toughness and strength over the years 127. Elastic modulus of the 

matrix, however, increases over time, reducing the material ductility. The matrix 

densification can change the failure mode from fiber pull-out to fiber fracture.  

Regarding natural fibers, a lot of studies have demonstrated that aging causes 

a marked change in the microstructure 128; 129; 130. The cellulose fibers become petrified; 

a lot of carbonation products can be seen on the fiber-matrix interface, which was 

previously occupied by gel. The densification of the fiber-matrix interface provides a 

loss of strength and ductility. Conversely, the fiber embrittlement results in enhanced 

strength and reduced ductility. In order to avoid or mitigate the cellulose fiber 

degradation, some authors have proposed an accelerated carbonation during the early 

material age, for initial periods of curing 131; 132; 133; 134.  

Combining these effects, the composite presents strength and stiffness 

increasing, with a toughness reduction. Natural and accelerated aging in a CO2 

environment present the same results when both are completely carbonated, without 

any detection of calcium hydroxide (CH). Accelerated aging tests have been proposed 

to simulate the long-term effects on fiber cement materials. The fiber cement material 

can be aged in drying/wetting cycles using a carbonating environment 135; 136; 137.  

In a façade application, the aging process is not homogeneous, meaning that 

carbonation starts from the external surface, usually the more exposed, and it is 

governed by CO2 diffusion through board thickness 138. This non-homogeneous 

process may lead to an asymmetric load, resulting in board bowing. 
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The heat-rain variation produces cyclic loads on the material. The wet-dry 

process can produce a cyclic shrinkage degrading, by fatigue, the fibers themselves, 

in case of celluloses fibers, and their interaction within the matrix for all fibers. In 

addition, carbonation can produce an irreversible shrinkage, besides changing the 

material microstructure, reducing porosity and densifying the matrix once the 

carbonation products volume is larger than the CH consumed. 

For all these reasons, the aging evolution of the mechanical parameters and of 

the shrinkage of the boards are important to define the external forces loading the 

boards. If these effects are neglected, they can generate cracks committing the 

aesthetic, water tightness and the mechanical performance of the façade. In order to 

evaluate the carbonation degree of a specimen, the increase of calcite content must 

be assessed in contrast with the C-S-H and portlandite consumption 139. Furthermore, 

an increase in the bulk density and a reduction in the water absorption can be good 

indicators of the carbonation evolution also. 

In this work, the mechanical behavior of natural aged boards has been 

compared to new boards. The natural aged samples were exposed for 3 years on a 

northeast façade in Capivari, Brazil. These boards were installed after 2 months of 

factory storage. The new samples were characterized after 3 months of their 

production and storage in laboratory conditions without weather exposition. The 

material composition was assumed to be the same for aged and new boards, as 

outlined in Table 21. The chemical composition of the particular raw materials obtained 

by means of X-ray fluorescence (XRF) are given in Table 25. 

Table 25: Chemical composition of raw materials by XRF. 

Compound 
Cement 

(%wt.) 

Limestone 

(%wt.) 

CaO 61,7 30,9 

SiO2 14,1 5,8 

MgO 5,3 16,7 

Al2O3 3,9 1,6 

SO3 3,7 0,2 

Others 4,3 2,2 

Loss on ignition (L.O.I.) 6,9 42,6 

Source: author. 
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3.4.1. Carbonation process 

3.4.1.1. Carbonation index 

An important characterization is assessing how carbonated the sample is. This 

information can indicate how old the sample is, and in which irreversible shrinkage 

stage the material is. The evolution of the calcium and magnesium linked to CO2 rate 

provides a good estimation of the carbonation status of a sample. The definition of the 

carbonation status of a cementitious board can allow the estimation of the shrinkage 

that this board will be submitted during the rest of its service life. 

The carbonation index (CI) has been defined as the percentage of carbonatable 

compounds that are completely carbonated at the analysis instant. Hence, this index 

is related to the rate of calcite production due to portlandite and C-S-H consumption, 

disregarding the carbonates (calcite and dolomite) that were already present in the raw 

material composition. Equation ( 27 ) expresses the carbonation index as a function of 

the different chemical combinations of calcium and magnesium oxides, as described. 

𝐶𝐼 =
(𝐶𝑎𝑂 + 𝑀𝑔𝑂)𝐶𝑂2 − (𝐶𝑎𝑂 + 𝑀𝑔𝑂)𝑓𝑖𝑙𝑙𝑒𝑟
(𝐶𝑎𝑂 + 𝑀𝑔𝑂)𝑡𝑜𝑡𝑎𝑙 − (𝐶𝑎𝑂 +𝑀𝑔𝑂)𝑓𝑖𝑙𝑙𝑒𝑟

 ( 27 ) 

The quantification of the carbonates present in the filler is done using the 

chemical composition of the raw materials, as presented in Table 25, weighted by the 

material formulation shown in Table 21. Similarly, by means of an XRF analysis, the 

total of calcium and magnesium content were determined in aged and new samples, 

as summarized in Table 26. 

Table 26: Total calcium and magnesium oxides in new and aged samples by XRF analysis. 

Compound 
New 

sample 

(%wt.) 

Aged 
sample 

(%wt.) 

CaO 38,3 39,1 

MgO 7,6 6,0 

Source: author. 

The analysis of the compounds linked to CO2 can be made by means of a 

thermogravimetric analysis (TGA). The TGA of new and aged samples were conducted 

on a NETZSCH STA 449F3 instrument using a 55 mg sample in an Al2O3 crucible, in 

an inert atmosphere (nitrogen flow ratio equal to 60 mL/min), with a heating ratio of 10 

ºC/min from 30 ºC up to 1000 ºC. Prior to the test, the samples were finely ground in a 
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laboratory ball mill, then they were dried in a ventilated oven at 40 ºC until mass 

stabilization, and stored in a desiccator for 24 hours at most. 

Figure 29: TG and DTG curves of new samples. 

 

Source: author. 

Figure 29 presents the thermogravimetric (TG) curve and its first derivative 

curve (DTG) for the new samples. The first peak (below 250 ºC) corresponds to the 

thermal decomposition of C-S-H and ettringite, mainly. The second peak, from about 

300 ºC to 400 ºC, indicates that the cellulose decomposition takes place. The third 

peak is the result of two simultaneous reactions: the PP fibers consumption, around 

440 ºC as evidenced in Figure 30, accompanied by the decomposition of the 

portlandite, around 450 ºC. Finally, the decomposition of the dolomite and calcite 

occurs above 550 ºC releasing CO2. 106; 140 

The TG and DTG peaks are in the same temperature ranges both for aged and 

new samples, as shown in Figure 31. Nevertheless, a significant difference can be 

noted in the mass change related to each peak, as indicated in Table 27. Assuming 

that the fiber content does not differ over time, a reduction on the C-S-H, ettringite and 

portlandite content is observed, accompanied by an increase of the carbonates 

amount. This confirms the occurrence of carbonation in the aged samples. 
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Figure 30: TG and DTG curves of PP fibers. 

 

Source: author. 

 

Table 27: Mass change observed for the different TG peaks for new and aged samples.  

Peak 
New sample 

(%wt.) 
Aged sample 

(%wt.) 

1st (C-S-H + Ettringite) 4,0 1,6 

2nd (Cellulose) 3,1 2,8 

3rd (PP fiber + Portlandite) 4,4 3,2 

4th (Dolomite + Calcite) 28,1 29,4 

Source: author. 

 

Figure 31: TG and DTG curves of aged samples. 

 

Source: author. 
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Calculating the carbonation index by ( 27 ), a CI of 27,9% was found for the new 

samples, and 35,9%, for the aged specimens. This result indicates that even if the 

material has been carbonating, after three years of natural exposition, the carbonation 

process has not ended yet. Observing the third peak in Figure 31, around 5,7% of 

portlandite remains, when considering 1,8%wt of PP fibers, which reaffirms that 

carbonation can still go on. 

This conclusion shows that the carbonation process in a natural weathering is a 

slow process and takes more time to be complete than in a controlled ambient 

condition. Constant rain, high humidity and high temperatures inhibit the carbonation, 

which is greatest in 50% RH 141. A material completely dried or fully saturated slows 

down the carbonation process. Although the carbonation reaction needs water, the 

CO2 diffusivity is reduced if the pores are filled by water. 

Even if the results prove to be consistent, the raise of the CI would be expected 

to be quite more significant. In fact, this number was obtained assuming that the raw 

materials were exactly the same for new and aged samples. However, this assumption 

cannot be confirmed, since the characterization of the raw materials is not available for 

the aged boards. A proper characterization of these original raw materials for the aged 

specimens may lead to a more consistent CI value. 

3.4.1.2. Bulk density and water absorption changes 

Both bulk density (ρ) and water absorption (𝑤𝑎𝑏𝑠) parameters are measured and 

registered for each produced batch, as defined by 34. Accordingly, the variation of these 

properties after aging can be compared. The original properties of the boards produced 

on September of 2015 were compared with the density and water absorption 

characteristics after 3 years of natural aging. 

The methodology to determine these quantities is based on the Brazilian 

standard 34. It consists of: 

1. Samples immersed in water at ambient temperature until mass 

stabilization; 

2. Sample volume (V) and the initial sample mass (𝑚𝑖) measured in the 

saturated condition; 

3. Sample dried in a ventilated oven at 100 ºC until mass stabilization; 

4. Sample final mass (𝑚𝑓) measured in the dry condition. 
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The bulk density and water absorption results are respectively calculated by 

equations ( 28 ) and ( 29 ). Looking at Table 28, an increase in the bulk density can be 

noted along with a significant decrease in the water absorption. As previously 

explained, these two events contribute to reaffirm that the carbonation process has 

been effectively occurring in the exposed samples. The material densification and the 

water absorption reduction are related to the pore size reduction, a characteristic and 

expected effect of the fiber cement carbonation. 

𝜌 =
𝑚𝑓
𝑉

 ( 28 ) 

𝑤𝑎𝑏𝑠 =
𝑚𝑖 −𝑚𝑓
𝑚𝑓

 ( 29 ) 

Table 28: Bulk density and water absorption changes after natural aging. 

Property 
Measured on 

September, 2015 
Measured on December, 2018 – 

after 3 years of natural aging 

Bulk density 
(g/cm³) 

1,5 ± 0,2 1,7 ± 0,1 

Water 
absorption (%) 

24,3 ± 1,0 11,5 ± 1,2 

Source: author. 

 

3.4.1.3. Flexural behavior changes 

 In order to assess the consequences of natural aging in the mechanical 

properties, the flexural behavior of the aged samples was characterized following the 

methodology described in 3.3.1. The specimens were tested on the longitudinal 

direction in ambient and in wet condition.  

The aging, mainly related to carbonation, has significantly changed the flexural 

behavior of the boards (Figure 32). It is possible to note an increase in the maximum 

load resistance in both cases after aging. On the other hand, the softening behavior of 

aged samples starts earlier, and it is sharper than that of the new one.    

The results in Table 29 show that after 3 years of natural aging, the boards 

become more resistant, with a MOR increasing around 15% to 40%. Nevertheless, the 

fiber cement has lost ductility (energy decrease of about 15%) and has become more 

rigid, with 15% to 35% of MOE rising.  
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Table 29: Comparative flexural results of boards after natural aging. 

Hygrometric 
condition 

MOE (GPa) LOP (MPa) MOR (MPa) Energy (N.m) 

New Aged New Aged New Aged New Aged 

Ambient 
8,4  

± 0,7  
9,4 

± 1,2 
5,9 

± 0,4 
14,2 
± 1,2 

14,1 
± 0,4 

17,4 
± 0,8 

28,4 
± 0,9 

24,8 
± 1,5 

Wet 
4,2 

± 0,6 
6,3 

± 2,0 
4,5 

± 0,2 
9,1 

± 1,5 
9,4 

± 0,5 
13,5 
± 1,7 

31,2 
± 1,5 

26,5 
± 1,7 

Source: author. 

Figure 32: Comparative of the flexural behavior of aged and new samples in ambient condition. 

  

Source: author.  

3.4.2. Dimensional variation 

Drying and carbonation processes imply shrinkage in cement-based materials. 

Material shrinks due to the moisture loss by capillarity and from the gel pore 

microstructure. The shrinkage strains in a fiber cement composite can assume 

important values, depending on its formulation and on its production process. This 

volume variation is linked to the cement ratio content, the use of moisture-sensitive 

fibers, such as cellulose, the high porosity of the composite, and the high drying rates 

of thin sheets as well. 74 

This dimensional variation may cause some issues in applications of the fiber 

cement boards. Bowing and micro cracking can be generated on the boards applied 

on façades, for example. The screwed connections of the board on the frame structure 

restrain its movement. Restrained shrinkage promotes tensile stress on the board, 

enhancing the risk of cracking. This is why it is important to study this problem more 

cautiously, detailing the stress distribution around the connection's regions. 74 
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The shrinkage process initiates as soon as cement hydration starts. However, 

it becomes critical at old ages when boards are already installed. Natural soak-dry 

combined with cement carbonation are the main responsible processes to induce 

cracking along the service life of the boards. Souza (2014) has presented the main 

influence factors of shrinkage cracking. His work shows the shrinkage mechanisms, 

the difference of shrinkage by drying and by carbonation and their characteristic values 

for a fiber cement material. 139 

Soak-dry in a hardened material generates a reversible shrinkage. On the other 

hand, carbonation implies in an irreversible dimensional variation 141. It is important to 

consider the combination of these two processes to calculate the total shrinkage and 

its correspondent hygrometric generated strain during time.  

Accelerated tests provided by Souza (2014) in a PVA-based board, with 60% of 

cement mass fraction, have indicated a total shrinkage around 5,6 mm/m after more 

than 2 months of drying exposition in a CO2 enriched environment. The important role 

of carbonation shrinkage was proved, with an irreversible dimension reduction of 2,7 

mm/m 139. 

Thermal and hygrometric variations are defined as an intrinsic material property. 

The coefficients of thermal expansion (𝛼) or moisture expansion (𝛽) states the 

dimensional variation of a material in function of hygrometric conditions changes. 

Temperature (∆𝑇) and humidity (∆𝑅𝐻) variations can induce loads in the board, 

influencing the design of the number and spacing of fixing screws. 86; 142 

Temperature and moisture variation produce a free expansion strain in a single 

layer in a stress-free state. Stress would be developed in the layer only if the 

hygrothermal strains were constrained. Considering that 𝛼 and 𝛽 are homogeneous in 

both directions, the stress induced in the layer due to the constrained hygrothermal 

strains can be written as ( 30 ). 86; 142 

(

𝜎𝑥𝑥
𝜎𝑦𝑦
𝜎𝑥𝑦
) = (−𝛼∆𝑇 − 𝛽∆𝑅𝐻) (

𝑄11 𝑄12 0
𝑄12 𝑄22 0
0 0 𝑄66

)(
1
1
0
) ( 30 ) 

From ( 30 ), by integration, the normal forces and the bending resultant moments 

on the laminated can be found, induced by hygrothermal loads. Considering that all 

layers are identical and oriented in the same direction, the hygrothermal strains will be 

the same in case of uniform temperature and moisture variation through board 
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thickness. In cases when only a portion (some layers) of the laminated is concerned 

by hygrothermal variation, the hygrothermal strains are not the same through the 

thickness. This later assumption is important in case of using the fiber cement boards 

as an external façade envelope, where only the external face of the board will be 

subjected to moisture and thermal variations. 

In both cases, membrane forces will be generated on the board if, and only if, 

the normal displacements are restrained. The normal resultants are proportional to the 

total thickness concerned by the hygrothermal variations. However, when only a few 

layers are affected by hygrothermal changes, then a bending moment will be 

generated independent of displacement restrictions. The bending moments are due to 

the non-uniform strain distribution, and they lead to board bowing. 

Equation ( 31 ) describes the hygrothermal normal resultants in function of the 

depth of hygrothermal induced loads (𝑡ℎ𝑦𝑔); it means the total thickness concerned by 

an hygrothermal variation. If all the board is subjected to the same moisture and 

temperature variation, then ℎℎ𝑦𝑔 is taken equal to 𝑡 (total board thickness). In the case 

of moisture and temperature varying only in a quarter of the thickness, then ℎℎ𝑦𝑔 is 

taken equal to 𝑡/4, for example. It is important to remind that these hygrothermal forces 

are produced only in case of restrained displacements. 

(

𝑁𝑥
𝑁𝑦
𝑁𝑥𝑦

) = 𝑡ℎ𝑦𝑔(−𝛼∆𝑇 − 𝛽∆𝑅𝐻) (
𝑄11 𝑄12 0
𝑄12 𝑄22 0
0 0 𝑄66

)(
1
1
0
) ( 31 ) 

The bending resultant moment can be written as ( 32 ), with the reference drawn 

in Figure 16. In case all layers are subjected to the hygrothermal strains, the stress in 

each layer (𝜎𝑘) is constant. Therefore, the moment results zero, as shown in ( 33 ). In 

case of a non-uniform hygrothermal variation, the resultant moments are given by ( 34 

), where 𝑡ℎ𝑦𝑔 is the same as defined previously. 

𝑀 = ∫ 𝜎𝑘𝑧𝑑𝑧
𝑡/2

−𝑡/2

 ( 32 ) 

𝑀 = ∫ 𝜎𝑘𝑧𝑑𝑧
𝑡/2

−𝑡/2

= 𝜎𝑘∫ 𝑧𝑑𝑧
𝑡/2

−𝑡/2

= 0 ( 33 ) 
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𝑀 = ∫ 𝜎𝑘𝑧𝑑𝑧
𝑡/2

(
𝑡
2
−𝑡ℎ𝑦𝑔)

= 𝜎𝑘∫ 𝑧𝑑𝑧
𝑡/2

(
𝑡
2
−𝑡ℎ𝑦𝑔)

= (
𝑡2

4
− (

𝑡

2
− 𝑡ℎ𝑦𝑔)

2

) (−𝛼∆𝑇 − 𝛽∆𝑅𝐻)(
𝑄11 𝑄12 0
𝑄12 𝑄22 0
0 0 𝑄66

)(
1
1
0
) 

( 34 ) 

Admitting a linear relationship between moment and curvature, the board 

bowing magnitude can be described as a function of the 𝑡ℎ𝑦𝑔. Board bowing is done 

by the radius of curvature of the board (R). When R tends to the infinity, it means that 

the board is not bowing. The maximum bowing effect is reached when hygrometric 

loads act on half of the board thickness, resulting in a lower curvature radius value. 

Figure 33: Bowing effect in function of the depth of hygrometric variation on a laminated board. 

 

Source: author. 

3.4.2.1. Shrinkage magnitude 

Different formulations or different manufacturing processes will generate 

materials with different dimensional variation magnitudes. Maximum values can vary 

from around 1,2mm/m up to 6,0mm/m among boards available in the Brazilian market, 

for example 143.  

To get an order of magnitude of this shrinkage, the results presented by Souza 

(2014) 139, with a PVA-based board and 60% of cement mass fraction, will be assumed. 

In this case, the dimensional variation values are taken as follows: 

 5,6 mm/m of irreversible shrinkage due to drying and carbonation along 

external board service life; 

 Drying irreversible shrinkage occurs mainly during the first 14 days of 

drying, representing around 2,2 mm/m; 
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 Irreversible shrinkage by carbonation represents around 2,7 mm/m, and 

it is a slow process, lasting a few years; 

 Dimensional variation due to soak-dry is a reversible process, 

representing approximately 2,1 mm/m. 

These assumptions indicate that the behavior of the fixing systems depends on 

the stage of irreversible processes at the moment of board installation. If a board is 

installed after 14 days, a total of 3,4 mm/m of irreversible shrinkage can be estimated 

during the service life of the structure. The soak-dry dimensional variation of 2,1 mm/m 

must be additionally considered. The carbonation index (CI), presented in 3.4.1.1, can 

be used to estimate the current carbonation state of a board previous its fixation on the 

façade. This estimation allows the prediction of irreversible shrinkage that the board 

will be submitted once installed and during its service life. 

The reversible shrinkage was assessed looking at fatigue effects at the fixing 

region. Matsumoto and al. (2010) reported a fatigue analysis of a PVA fiber reinforced 

composite. Under a cyclic loading varying from 0,05% compressive strain to 0,2% 

tensile strain, the tensile strength slowly decreases to 90% of its initial value during the 

first 100 cycles, and it sharply decreases to 10% from 100 to 1000 cycles 144. 

It is important to mention, as remarked by Wei et al. (2016), that during wetting 

the fiber cement may absorb more water than it loses in drying 134. This fact reveals, 

indeed, that soak-dry shrinkage may be partially irreversible. 

 Concluding remarks 

Understanding the production process and the influence of the fibers on the 

composite is important to define the appropriate equations to describe boards. 

Concerning the fracture process of fiber cement materials, the importance of fibers 

contributions and their interaction with the cementitious matrix has been shown. This 

fiber-matrix interaction promotes a failure process that cannot be described by LEFM, 

thus, a steady-state cracking theory can be adopted, considering cohesive models to 

represent the composite cracking. 

The experimental characterization of the boards showed that results are 

influenced by hygrometric conditions of samples. Saturated boards presented lower 

strength instead of toughness and ductility improvement. The fiber bridging mechanism 
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is highlighted in a wet condition, with a lower matrix strength and the fibers enhancing 

the material performance. The three-point bending and the direct tensile tests provide 

different mechanical results because fibers are not requested in the same manner on 

each of them. Tensile tests have given a result closer to the true material behavior. 

The parameters obtained will be used to find the correct inputs for the numerical 

models to simulate the behavior of these boards in a façade system. Additionally, the 

results highlighted the variability of the material even if all samples were taken from 

the same batch. The variability of the production process was not assessed in this 

work, however, it is an important variable to be considered before extrapolate any 

result. 

The three-point bending test results showed the limitation of the linear equations 

presented on current standards. The MOR values obtained are several times larger 

than the ultimate stress obtained in the direct tensile test. This fact is due to the 

inaccurate extrapolation of the linear equations to calculate the MOR that is reached 

in a non-linear stage of the material. In this regard, the LOP seems to be a more 

accurate value to be considered for design purposes and it provides a better estimation 

of the damage initiation on the material. 

A proposal of durability assessment of the fiber cement boards has been 

presented. Samples of a board exposed in a natural aging condition were 

characterized after 3 years of weathering exposition. Even if the mechanical results 

have indicated an increasing in strength, a significant reduction of material ductility has 

been observed, meaning the boards are becoming more brittle over time. In addition, 

it has been verified that the carbonation process had not been finished after three 

years, since some hydration phases had remained not carbonated. These remarks are 

important because the material embrittlement and the irreversible shrinkage may 

generate cracks on the boards if they are not properly considered. 

Finally, the importance of simultaneously considering the combination of wind 

loads, carbonation and moisture shrinkage has been shown. The characteristic values 

presented or obtained in this chapter will be used to assess the behavior of these 

boards under different fixings systems (stiffness, screws distance, etc.). Since the 

global behavior of the material has been properly characterized, including the 

mechanical modifications due to aging, the best numerical techniques can be found to 

simulate these boards and their fixations. 
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4. NUMERICAL MODELING OF FIBER CEMENT BOARDS 

Numerical model input definition: Crack and damage modeling 

Fiber cement was presented in chapter 3 as a multilayered composite material, 

which performance depends on the combined behavior of a cementitious matrix and 

natural and synthetic fibers. The experimental characterization showed that the 

constitutive law of the composite is highly influenced by the presence of the fibers and 

their interaction within the cementitious matrix. It has been shown that the fibers can 

promote a pseudo-strain hardening effect, increasing the material strength and its 

toughness after the first stress peak. 

Hence, a numerical model will be considered adequate if it is able to correctly 

predict the elastic phase, the peak loads and the post-peak behavior both for hardening 

and softening cases, considering damage and cracking propagation on this material. 

Using the Finite Element Analysis (FEA), different approaches can been used to 

represent the behavior of fiber reinforced cementitious materials 145. These techniques 

have combined different strategies to represent the fiber effect within the composite 

and to simulate and predict the composite failure 146.  

A lot of continuum constitutive models have been presented to simulate failure 

in fiber reinforced cementitious materials 147; 148; 149; 150; 151. A non-linear elasticity 

formulation or elasto-plastic-damage laws are examples of these continuum 

techniques, where damage is represented by a modification on the constitutive law of 

an element. On the other hand, some models propose a discontinuous approach to 

represent the crack propagation, introducing a physical discontinuity into the 

displacement field. The Cohesive Crack Model or the eXtended Finite Element Method 

(XFEM) are examples of these discontinuous crack representation methods 152; 153; 154. 

Furthermore, some models are based on the physical representation of the 

fibers within the cementitious matrix 155; 156; 157; 158. These discrete techniques require 

the geometrical inclusion and an explicit representation of each fiber in the numerical 

model. Even if these discrete approaches can fit the experimental behavior by 

introducing a bond-slip law to represent the fiber-matrix interaction; usually, the 

discrete fiber representation can result in a heavy model, increasing calculation time.  

The aim of this chapter is to find a numerical strategy, using FEA, able to 

simulate the global behavior of a fiber cement board, considering its main energetic 
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mechanisms. The objective is to identify proper models and techniques available in the 

software ABAQUS to fit the experimental curves. Simplified models are expected to be 

found capable of considering the fiber effect by means of a homogenized law, avoiding 

any fiber discretization. 

The three-point bending test and the direct tensile test presented in the previous 

chapter are numerically simulated. For each test, a particular numerical model is 

proposed using 2D shell elements. The numerical analysis is done using ABAQUS 

Explicit with an automatic stable time step. Explicit analysis is preferred to an implicit 

one to simulate materials with ascending or softening behaviors. The implicit analysis 

needs iterative calculations, and when the material enters the softening phase, 

material stiffness becomes negative. Then, the global stiffness matrix is not positive 

and it is definite, generating a convergence problem. For the explicit analysis, the 

equation is solved at each step without any iteration procedure. 

The material behavior is simulated by means of different techniques. A 

comparison is done among the XFEM technique, the Hashin damage model and the 

Concrete Damage Plasticiy model available in ABAQUS 159. For each of these two 

experimental tests, an appropriated numerical technique is chosen and assessed, 

comparing the numerical and experimental results. The input parameters for each 

model are defined by an inverse analysis in order to properly fit the experimental 

curves. This analysis was limited by the availability of bi-linear damage models in 

ABAQUS for the XFEM and the Hashin modelization, though. 

 Failure simulation techniques 

For composite materials, the damage onset is characterized by the microcraking 

initiation. The material failure, as presented in 3.2, may occur by the rupture of the 

matrix, the rupture of fibers or by the degradation of fiber-matrix interaction. The 

standard failure criteria used to describe the damage onset on laminated composites 

material may be classified in: maximum stress criteria, maximum strain criteria or 

energetic-based criteria, such as the Hashin’s. 160 

After damage initiates, its evolution may be controlled either by an energetic 

criterion or by the controlling of the critical displacement at failure. According to the 

failure criteria previously chosen, the critical fracture energy that controls the crack 

propagation in the material can be defined. As presented in chapter 3, cracking in fiber 



111 

 

cement board is a steady-state process with a cohesive behavior at the crack surfaces. 

It means that, once initiated, a crack needs an additional amount of energy to 

propagate in the material – cracking is not a catastrophic process.  

Different numerical strategies may be adopted to represent the damage 

evolution. Three main classes of methods to represent a cracking process are: re-

meshing techniques with adaptive meshes accompanying the crack evolution, 

homogenized models that change the constitutive law on damaged elements by 

degrading the material stiffness matrix, and numerical methods that represents crack 

as a physical discontinuity on the displacement field, without needing a re-meshing 

strategy, such as proposed by XFEM. 

In this work, there is a comparison of three different numerical strategies 

available in ABAQUS: the XFEM formulation and the Hashin damage criteria using bi-

linear cohesive zone models and the Concrete Damage Plasticity model. The aim of 

this study is to find a good technique to simulate the fiber cement boards, avoiding the 

need of fiber discretization and its explicit representation in the model. Before applying 

these techniques to model some experimental tests, a summary of the ABAQUS 

formulation for each damage model is presented. 

4.1.1. eXtended Finite Element Method (XFEM)  

The XFEM technique was first proposed by Belytschko and his co-authors to 

solve crack propagation problems without re-meshing 161. The use of XFEM has been 

reported to estimate failure in laminated composite structures 162, to study crack 

propagation in concrete 163; 164 or even to simulate damage in fiber reinforced structures 

165; 166; 167; 168. This technique allows the modeling of discontinuities, such as cracks, 

independently of the original mesh, using local enrichments functions 169. The 

discontinuity representation is done by introducing a modified displacement field in the 

so-called enriched domain, i.e. in the cracked region.  

Hence, the displacement vector (𝑢) is approximated by enriched functions. In 

the ABAQUS formulation for XFEM 159, asymptotic crack-tip functions (𝐹𝛼(𝑥)) and 

discontinuous jump functions, such as the Heavside function (𝐻(𝑥)), are added to the 

usual nodal shape functions (𝑁𝑖(𝑥)) to respectively represent the singularities at the 

crack-tip and the discontinuity across the crack line or surface. As described by ( 35 ), 

the nodal enriched vectors 𝑎𝑖 and 𝑏𝑖
𝛼 are modified by their associated enriched 
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functions. These enriched nodes are superposed on the original mesh, as phantom 

nodes. For this reason, once crack initiates, the modified nodes can move apart without 

changing the original mesh. 

𝑢 =∑𝑁𝑖(𝑥) [𝑢𝑖 +𝐻(𝑥)𝑎𝑖 +∑𝐹𝛼(𝑥)𝑏𝑖
𝛼

4

𝛼=1

]

𝑛

𝑖=1

 ( 35 ) 

Failure can be represented in ABAQUS using a XFEM-based cohesive segment 

model. It means that to describe the complete cracking process a damage initiation 

criterion must be defined, and, once this criterion is met, the crack propagates following 

a user defined damage evolution law. The damage evolution law can be defined using 

a bilinear or an exponential traction-separation formulation. The definition of the failure 

stress and of the fracture energy is sufficient to define the damage evolution law, as 

illustrated in Figure 34. 159 These bi-linear or exponential formulations can represent 

the first limitation of this model, as implemented in ABAQUS, to simulate fiber 

reinforced materials 170; 171.  

Figure 34: Traction-separation law for cohesive damage in ABAQUS. 

 

Source: Zhang et al. (2016). 166 

The available onset damage criteria in the software are the maximum principal 

or nominal stress, maximum principal or nominal strain, and quadratic traction-

separation-interaction criteria. The maximum stress strength is used as the failure 

criterion parameter, since it can be easily determined. The maximum principal stress 

formulation, as presented in ( 36 ), indicates that damage initiates once the maximum 

principal stress (𝜎𝑚𝑎𝑥) reaches the maximum allowable principal stress (𝜎𝑚𝑎𝑥
0 ), that is 

𝑓 = 1. The use of the Macaulay brackets 〈∙〉 in the formulation indicates that damage 

cannot occur in a purely compressive stress state. 
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𝑓 = {
〈𝜎𝑚𝑎𝑥〉

𝜎𝑚𝑎𝑥
0 },      

〈∙〉 = 0, 𝑖𝑓 ∙ < 0
〈∙〉 = ∙ , 𝑖𝑓 ∙ ≥ 0

 ( 36 ) 

4.1.2. Hashin damage model 

The maximum stress and the maximum strain criteria are respectively defined 

by the stress strength and the rupture strain of the material. These criteria stablish that 

damage initiates if any component of the stress or strain field (shear or 

tensile/compression stress in longitudinal or transverse direction) reaches the 

correspondent stress/strain strength. A limitation of both criteria is the supposition that 

the rupture mechanisms are independent. Aiming to overcome this limitation, energetic 

criteria have been proposed. These criteria are an extension of the Von Mises criterion, 

considering the orthotropic material behavior and the interaction between different 

failure mechanisms. 160 

Hill (1948) 172 was the first to extend the Von Mises criterion considering 

anisotropic materials, but without differentiating the tensile from the compression 

strength. Azzi and Tsai (1965) 173 adapted the Hill criterion proposing a failure 

formulation, called the Tsai-Hill criterion, for unidirectional composites. Hoffman (1967) 

174 generalized the Hill criterion with a differentiation between tensile and compressive 

strengths. Tsai and Wu (1971) 175 reformulated the failure criterion in a tensor form, 

comprising anisotropy, unidirectionality and tensile/compression differentiation. All 

these presented criteria define the damage onset, but they are not able to identify the 

failure mode. Nor can they predict the material degradation and the damage evolution 

after the first failure. 

Later, Hashin (1980) 176 presented his failure criteria for orthotropic materials 

based on four distinct failures modes: fiber tensile (𝐹𝑓
𝑡), fiber compression (𝐹𝑓

𝑐), matrix 

tensile (𝐹𝑚
𝑡 ) and matrix compression (𝐹𝑚

𝑐 ). Hence, the onset failure formulation for this 

model is provided by four distinct equations, as shown in ( 37 ), where 𝑋𝑇 , 𝑋𝐶 , 𝑌𝑇, 𝑌𝐶 

are respectively the longitudinal tensile and compressive strength, and the transverse 

tensile and compressive strength; 𝑆𝐿 and 𝑆𝑇 are the shear strength in the longitudinal 

and transverse direction; 𝛼 is a scalar coefficient, determining the contribution of shear 

to the fiber tensile initiation criterion; 𝜎11, 𝜎22 and 𝜏12 are the components of the stress 

tensor. The initiation criterion is met when the criterion value (𝐹) reaches 1.0 and then 

the correspondent failure mode can be identified.  



114 

 

These failure criteria have been proved to provide good results for fiber 

reinforced polymeric materials 177; 178. Here, the objective will be to assess the 

availability of this method to fit a cementitious composite, and to find the correspondent 

input parameters. 

𝐹𝑓
𝑡 = (

𝜎11
𝑋𝑇
)
2

+ 𝛼 (
𝜏12
𝑆𝐿
)
2

𝐹𝑓
𝑐 = (

𝜎11
𝑋𝐶
)
2

𝐹𝑚
𝑡 = (

𝜎22
𝑌𝑇
)
2

+ 𝛼 (
𝜏12
𝑆𝐿
)
2

𝐹𝑚
𝑐 = (

𝜎22
2𝑆𝑇

)
2

+ [(
𝑌𝐶

2𝑆𝑇
)

2

− 1]
𝜎22
𝑌𝐶
+ (
𝜏12
𝑆𝐿
)
2

 ( 37 ) 

Once damage has been initiated, the material response is done by ( 38 ) using 

the damaged elasticity tensor (𝐶𝑑). In this elastic damage formulation, failure is 

represented in an analytical form, without including any physical discontinuity on the 

function domain. The damage variables reflect the current state of fiber damage (𝑑𝑓), 

of matrix damage (𝑑𝑚) and of shear damage (𝑑𝑠), and 𝐷 = 1 − (1 − 𝑑𝑓)(1 − 𝑑𝑚)𝜈𝐿𝑇𝜈𝑇𝐿. 

These variables also depend on the tensile and the compressive strength behavior. 

𝜎 = 𝐶𝑑: 휀 ⇒ 𝜎

= (

(1 − 𝑑𝑓)𝐸𝐿 (1 − 𝑑𝑓)(1 − 𝑑𝑚)𝜈𝑇𝐿𝐸𝐿 0

(1 − 𝑑𝑓)(1 − 𝑑𝑚)𝜈𝐿𝑇𝐸𝑇 (1 − 𝑑𝑚)𝐸𝑇 0

0 0 (1 − 𝑑𝑠)𝐺𝐷

)휀 
( 38 ) 

In addition to identifying the failure mode, the Hashin criteria is also able to 

describe damage propagation for the four different modes. Four different failure modes 

are considered, and the correspondent fracture energy must be defined for each case: 

tensile failure in fibers and in the matrix, and compression failure in them. The damage 

variable is calculated for each failure mode, and it is related to the equivalent 

displacement, as shown by ( 39 ). 𝛿𝑒𝑞
0  is the initial equivalent displacement, from which 

the initiation criterion for a particular mode was met; and 𝛿𝑒𝑞
𝑓

 is the equivalent 

displacement, from which the material is completely damaged in the same failure 

mode. The corresponding equivalent stress is done by a linear damage law, similar to 

the one shown in Figure 34, whose evolution depends on the definition of fracture 

energy for the specific failure mode. 
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𝑑 =
𝛿𝑒𝑞
𝑓 (𝛿𝑒𝑞 − 𝛿𝑒𝑞

0 )

𝛿𝑒𝑞(𝛿𝑒𝑞
𝑓
− 𝛿𝑒𝑞

0 )
 ( 39 ) 

4.1.3. Concrete damage plasticity model 

The Concrete Damage Plasticity model, or CDP, available in ABAQUS 6.14 was 

originally proposed to simulate the inelastic behavior of concrete structures based on 

a combination of an isotropic damaged elasticity model and an isotropic plasticity 

model. This elasto-plastic-damaged model is based on the models proposed by 

Lubliner (1989) 179 and modified by Lee and Fenves (1998) 180. In this model, the elastic 

stiffness of the material appears to be degraded when tensile or compressive strength 

is reached. 

The yield surface, which defines the plastic initiation, is controlled by two 

hardening variables, that is, the equivalent tensile and compressive plastic strains (휀�̃�
𝑝𝑙

 

and 휀�̃�
𝑝𝑙

). This failure surface is based on classical criteria such as the Drucker-Prager’s 

in compression regime, or the Rankine’s in tensile regime. Hence, the yield function is 

defined in terms of effective stress, considering the stress state modifications under 

tensile and compressive forces. As shown in ( 40 ), the yield function is dependent on 

the effective hydrostatic pressure (�̅�), the Mises equivalent stress (�̅�), the maximum 

principal effective stress, and on the constitutive parameters 𝛼, 𝛽 and 𝛾, defining the 

flow and the shape of the function. 

𝐹 =
1

1 − 𝛼
(�̅� − 3𝛼�̅� + 𝛽〈�̂̅�𝑚𝑎𝑥〉 − 𝛾〈−�̂̅�𝑚𝑎𝑥〉 − �̅�𝑐(휀�̃�

𝑝𝑙)) ≤ 0 ( 40 ) 

The direction and magnitude of the plastic deformations are governed by a 

potential flow function. This potential rule is written in ( 41 ), where 𝑒 is the eccentricity, 

and defined as 𝑒 = 0.1 by default; 𝜓 is the dilatation angle, and 𝜎𝑡0 is the uniaxial tensile 

stress. The definition of the yield surface and of the potential flow functions for a fiber 

cement material will be based on the values obtained for concrete structures 181; 182; 183 

with a proper tensile behavior description.  

𝐺(𝜎) = √(𝑒𝜎𝑡0𝑡𝑎𝑛𝜓)2 + �̅�2 − �̅�𝑡𝑎𝑛𝜓 ( 41 ) 

The non-linear behavior is a combined effect of plasticity and damage evolution, 

with damage mainly influencing the stiffness degradation and the unload behavior in 

cyclic loading. In the CDP model, damage is represented by a scalar parameter (𝑑) , 
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growing according to a damage evolution law. This scalar multiplies the stiffness 

matrix, acting as a stiffness reduction factor. Equation ( 42 ) shows the stress state as 

a function of the damage variable (𝑑), the initial elastic tensor 𝐶, the total strain tensor 

휀 and the plastic strain tensor 휀𝑝𝑙. The cracking pattern is presented in this model by 

the maximum plastic strain field, that is, once the equivalent tensile plastic strain is 

greater than zero, it means that a crack was initiated. 

𝜎 = (1 − 𝑑)𝐶: (휀 − 휀𝑝𝑙) ( 42 ) 

This damage parameter can be calculated as a function of the plastic strains for 

tensile and compressive behavior. The material behavior can also be defined in a 

tabular form, indicating the effective stress versus plastic strain curve. Post-failure in 

tensile behavior, for example, is described as a tension stiffening effect, considering 

the stress-strain cracking curve.  

Hence, the CDP model proposed in the software ABAQUS, is defined by a yield 

hardening surface and by softening damage parameters. In this work, the compressive 

behavior of fiber cement boards was taken similar to a concrete material, whilst the 

tensile behavior was defined by an inverse analysis, according to the experimental 

uniaxial tests results. 

 Numerical modeling of experimental tests 

4.2.1. Three-point bending test 

The three-point bending test was first modelled using a 2D model, assuming 

plane stress. The specimen was meshed with quadrilateral elements. The element 

used was the CPS4, an ABAQUS element for 2D solid sections with a plane stress 

formulation, four integration nodes and a bilinear interpolation function. 159 

The undamaged material behavior was assumed linear elastic. After damaging, 

a non-linear behavior was defined. Elastic properties were obtained by the 

experimental material characterization, such as presented in Table 22. Through the 

numerical FEA simulation, the damage initiation and the fracture energy were defined 

for each condition, fitting the numerical results to the experimental curves. 

The three-point bending test was simulated in two-dimensions by a rectangular 

simply supported beam, with a 215mm span and 10mm thickness, as shown in Figure 

35. The supports were represented by two restrained nodes on vertical displacement. 
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Crosshead displacement was represented by a progressive displacement applied on 

the top of the beam at its midspan. The applied displacement was considered 

distributed on 1mm to avoid stress concentration under a unique displacement 

application point. 

Figure 35: Boundary conditions of 3-point bending model. 

 

Source: author. 

4.2.1.1. XFEM and Hashin model 

Figure 36 shows that XFEM and Hashin simulations present a good agreement 

with experimental results on the linear elastic behavior, whatever the hygrometric 

content. On the other hand, the non-elastic behavior prediction is not properly fitted for 

all testing conditions. When the material presents a stress softening behavior after the 

first peak load, it can be noted that numerical results appropriately estimate the 

maximum load and the post-peak behavior. It is the case of the mechanical behavior 

in ambient and in dry condition. 

In wet condition, the fiber cement tested shows a quite hardening behavior after 

the first peak load. In this situation, neither XFEM nor Hashin is able to capture the 

hardening effect on the material. In both numerical methods, the degradation process 

is uniform and irreversible after the damage initiation. 

In each hygrometric condition, a sensibility analysis was made in order to 

understand how the variability of the fracture parameters influences the material load-

displacement predicted response. Damage initiation criterion was adopted as the 

maximum principal stress, and the fracture propagation law is the energy-based law 

available in ABAQUS. Stress strength (u) and fracture energy (Gf) were defined in 

Table 30, in order to achieve a relative error less than 3% in maximum load and energy 

prediction for all conditioning states. Table 31 summarizes the maximum predicted 

load and the calculated energy for each hygrometric configuration. 

There is a slight difference between the XFEM fracture strategy and the Hashin 

damage model in ABAQUS. For Hashin model it is important to emphasize that the 
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damage initiation and the cracking progress is dependent of a more complete 

characterization, not held on this work, of longitudinal and transverse material tensile 

and compression strength. However, even with quite different parameters, both 

methods are able to properly capture the material behavior if there is any strain 

hardening event. 

Table 30: Fracture flexural parameters defined to XFEM and Hashin numerical simulations.  

Conditioning Ambient Wet Dry 

Method 
u 

(MPa) 

Gf 
(N/mm) 

u 
(MPa) 

Gf 
(N/mm) 

u 
(MPa) 

Gf 
(N/mm) 

XFEM 5,6 16,5 3,5 35,0 4,1 12,0 

Hashin 5,8 14,0 4,0 32,0 4,7 11,0 

Source: author. 

Table 31: Maximum load and energy predicted by XFEM and Hashin numerical simulations.  

Conditioning Ambient Wet Dry 

Method 
Pmax 
(N) 

Energy 
(N.mm) 

Pmax 
(N) 

Energy 
(N.mm) 

Pmax 
(N) 

Energy 
(N.mm) 

Experimental 1091,9 28437 726,9 31178 815,6 20299 

XFEM 1105,7 28051 713,4 30996 812,1 20392 

Hashin 1086,6 28728 718,2 31083 808,0 21764 

Source: author. 

Considering only the elastic behavior of the material combined with damaged 

criterion is a significant limitation of these models. However, they are adequate to 

simulate the flexural behavior of the board, since no significant strain hardening effect 

was observed. It means that the proposed models are able to predict with a good 

agreement the maximum load withstand by the board; thereby, they can estimate the 

first crack formation and propagation, using the failure stress and the fracture energy 

values obtained from the simulations. 

4.2.1.2. CDP model 

The same exercise was done to calibrate the CDP model. Aiming to 

characterize the tensile material strength, the compressive failure was neglected in this 

analysis. Table 32 presents the input parameters defined according to the 

experimental flexural data. This material definition provides reliable results as shown 

by the load-displacement curves in Figure 37, with a good agreement for the maximum 

load prediction, as summarized in Table 33. 



119 

 

Figure 36: Load-displacement simulated flexural response using XFEM and Hashin model. 

  

 

Source: author. 

Table 32: Tensile plastic material behavior definition based on the flexural experimental data. 

Ambient Wet 

𝝈𝒕
𝒚
 

(MPa) 
�̃�𝒕
𝒑𝒍

 
𝝈𝒕
𝒚
 

(MPa) 
�̃�𝒕
𝒑𝒍

 

5,6 0,0 3,5 0,00 

3,0 16,0 3,4 0,03 

0,5 50,0 3,8 0,08 

 
3,5 1,00 

2,5 15,0 

Source: author. 
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Figure 37: Load-displacement response of the 3-point bending test simulated by the CDP model. 

  

Source: author. 

Table 33: Maximum load and energy predicted by CDP numerical simulations. 

Conditioning Ambient Wet 

Method 
Pmax 
(N) 

Energy 
(N.mm) 

Pmax 
(N) 

Energy 
(N.mm) 

Experimental 1091,9 28437 726,9 31178 

CDP 1080,7 28862 747,1 31856 

Absolute 
relative error 

1,0% 1,5% 2,8% 2,2% 

Source: author. 

4.2.2. Direct tensile test 

To simulate the direct tensile test, the specimen was modeled in 2D, as shown 

in Figure 38. Vertical displacements are restrained at the bottom region, and a 

progressive displacement was applied at the top region of the geometry. Hardening 

effect and fiber-bridging effect are really marked on this test, as shown in 3.3.2. 

4.2.2.1. XFEM and Hashin model  

A first model using only the elastic parameters and the fracture energy was 

proposed. However, this numerical strategy was not capable to depict the non-linear 

effects, neither with XFEM nor with the Hashin formulation. Both damage formulations 

were not able to represent the fiber-bridge effect without a discrete modeling of the 

fibers, and without any interface element. Figure 39 illustrates this difficulty to model 

the direct tensile response using XFEM or Hashin strategy. 
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Figure 38: Geometry and boundary conditions to the direct tensile test. 

 

Source: author. 

4.2.2.2. CDP model 

Using the CDP elasto-plastic-damage model, the microcracking and the fiber 

effect are represented by an equivalent plastic behavior, such as explained in 4.1.3. 

Even if the cracking process, in this case, is not physically represented, it is possible 

to verify that the model has a good agreement with experimental results, providing a 

well fitted pseudo-strain behavior. Cracking pattern can be visualized by the 

progressive maximum principal plastic strain. 

Figure 39: Load-displacement curve. Direct tensile response using XFEM and Hashin model. 

 

Source: author. 
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The fiber cement material was modeled considering that its behavior in 

compression is similar to a standard concrete. Table 34 summarizes the compressive 

plastic parameters used both in ambient and wet material conditioning. Hence, the 

correspondent input parameters for ABAQUS were calculated. 

Table 34 : Compressive plastic parameters of fiber cement board for the CDP model. 

𝝍 𝜺 𝜶 𝜸 
𝝈𝒄
𝒚
 

(MPa) 

40° 0,1 0,12 3,0 40 

Source: author. 

Such as presented in the 3-point bending case, the tensile material behavior 

was defined based on the experimental data. Once plastic strains could not be correctly 

measured in the proposed experimental methodology, all parameters were obtained 

by means of an inverse analysis fitting the experimental curve. Table 35 shows the 

stress and plastic strain values defined to represent the pseudo-strain hardening and 

the damage of the material for each conditioning state. These final values endorse the 

elastic approximation to calculate material stress from internal forces; however, the 

strains could not be approximated by the same linear-elastic equations. Rather, after 

the first cracking, the development of a pseudo-plastic regime was observed 

accompanied by the non-linear evolution of strains. 

Table 35: Tensile plastic material behavior definition based on the direct tensile experimental data. 

Ambient Wet 

𝝈𝒕
𝒚
 

(MPa) 
�̃�𝒕
𝒑𝒍

 
𝝈𝒕
𝒚
 

(MPa) 
�̃�𝒕
𝒑𝒍

 

1,90 0,000 0,75 0,000 

3,00 0,001 1,20 0,002 

3,35 0,028 1,50 0,015 

3,30 0,150 2,00 0,023 

2,00 1,500 2,30 0,025 

0,50 2,000 2,48 0,039 

 
2,00 0,800 

0,50 1,200 

Source: author. 
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Figure 40 presents the stress-strain curve simulated by the CDP model. In both 

cases it can be noted that the numerical simulation has a good agreement with the 

experimental curves. The elastic phase, the pseudo-strain hardening and the post-

peak behavior were properly captured by the CDP model with a less than 3,0% 

deviation in load and in energy prediction, as indicated in Table 36. 

Table 36 : Maximum load and energy predicted by CDP simulation. 

Conditioning Ambient Wet 

Method 
Pmax 
(N) 

Energy 
(N.mm) 

Pmax 
(N) 

Energy 
(N.mm) 

Experimental 1173,6 5181 868,9 6493 

CDP 1170,6 5479 873,5 6289 

Absolute 
relative error 

0,3% 2,4% 0,5% 3,0% 

Source: author. 

These results confirm the capability of the CDP model to represent the effect of 

the fiber reinforcement in a cementitious matrix, without needing a fiber discrete 

representation. The material behavior is properly fitted by the plastic-damage 

formulation, and the fiber bridging is well represented as hardening. In comparison with 

the XFEM or with the Hashin formulation in ABAQUS, the CDP model is more 

adequate to simulate the homogeneous tensile behavior of the fiber cement board. 

Figure 40: Force-displacement response of the direct tensile test simulated by the CDP model. 

  

Source: author. 
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 Concluding remarks 

Distinct numerical techniques can be used to simulate failure and damage in 

cementitious materials. Using the formulations available in the software ABAQUS, the 

XFEM and the Hashin model using a bi-linear cohesive zone model and the CDP 

model have been described and calibrated to simulate the three-point bending test and 

the direct tensile test. These three techniques have been chosen to model the 

mechanical behavior of the fiber cement through a homogenized formulation, 

dismissing a discrete numerical representation of the fibers. 

The experimental tests highlight different material behaviors: the fiber cement 

board has presented a marked fiber-bridging effect in the direct tensile test, whilst the 

post-peak obtained in the three-point bending experiment has been set by a softening 

curve. The CDP, an elasto-plastic-damage model, has been able to capture the 

pseudo-strain hardening behavior, highlighted in the direct tensile test, representing 

the fibers action as a plasticizing phenomenon. XFEM and Hashin model have been 

demonstrated adequate to simulate the three-point bending test predicting the elastic-

phase, the peak load and the post-peak softening behavior with a good agreement.  

Even if the three techniques have been able to simulate the flexural behavior in 

the three-point bending test, only the CDP model has had a good fit in the direct tensile 

simulation. Therefore, this last technique has been considered as the most appropriate 

to describe the behavior of a fiber cement board, including this post-peak strengthening 

performance. However, in cases when the interest is to define only the first peak or a 

softening behavior, the other techniques can be useful, specially due to their easier 

implementation. Furthermore, the use of trilinear, or even multilinear cohesive models 

can be proposed to enhance the capability of the XFEM technique and the Hashin 

model to fit the fiber cement behavior. The implementation of these multilinear 

cohesive zone models in ABAQUS and the parameter calibration to fiber cement 

materials can be suggested as a continuation of this present work. 

The material properties defined by simulations have been slightly different,  

according to the technique choice, specially the ultimate strength stress (𝜎𝑢). This 

discrepancy can be explained by the approximations done in each model and those 

intrinsic of each formulation. Nevertheless, those differences have been numerically 

insignificant, particularly in a global analysis. In addition, the material parameters 
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obtained by the numerical have confirmed that the MOR, calculated in the three-point 

bending test, is not a good indicator of the material behavior, as shown in Table 37 

Table 37: Comparative between experimental and numerical ultimate strength (𝜎𝑢) results. 

(MPa) 

Material stress calculated by 

linear equations based on the 

experimental results 

Material stress obtained 

by the calibration of 

numerical models* 

 Ambient Wet Ambient Wet 

3-point 

bending 

MOR 14,1 9,4 
5,6 3,8 

LOP 5,9 4,5 

Direct tensile 3,3 2,5 3,4 2,5 

*The results of the CDP modeling were taken for the comparison. 
Source: author. 

In the experimental methodology, the final material strength is calculated by 

linear elastic equations from forces, a simplification ignoring damage and the non-

elastic material behavior. Thereby, the numerical results have indicated that the 

material strength is overestimated by the MOR. This value, as defined in national 

standards, does not represent the material strength and cannot be directly used to the 

material law definition. On the other hand, the LOP shows to be a good approximation 

for the material strength and it can be used for design purposes and to define the 

damage initiation criteria of the material. 
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5. FIXING SYSTEM 

Numerical model input definition: Screw contact and fixing modeling 

The behavior of the connectors has a direct influence on the final structural 

capacity of a lightweight façade system. An accurate design of connections, mainly 

considering their stiffness and strength, is crucial to prevent cracks and to avoid the 

structural failure. The design of boards fixings must consider two main effects: the in-

plane board movement and the board perpendicular loads. 

In-plane loads are generated by cyclic dimensional variations and moisture 

shrinkage, as discussed in 3.4.2, whilst wind action is the most severe perpendicular 

load acting on the façade system, as presented in chapter 2. These actions can cause 

the pullout of the board or trigger an evolving degradation of the screwed connection 

if they are not properly considered. However, in the literature, the modeling of screws 

and connectors is often addressed considering mainly their pullout behavior.  

Loading distribution and the definition of a fastener load depend on the 

mechanical characteristics of the connection; they are particularly dependent on the 

stiffness and strength parameters. Experimental studies 184; 185; 186; 187 have presented 

laboratorial methods to define pullout capacity equations for the design of fasteners 

connections. In addition, their results have demonstrated that most design codes are 

inadequate in predicting pullout capacities 187. Based on experimental data, 

mathematical functions can be proposed to represent the connection behavior. Along 

the years, nonlinear and piecewise linear models have been proposed 188; 189; 190; 191 to 

depict the load-displacement behavior of those connections. 

Recent works 188; 192; 193; 194 have shown that a connection is partially withdrawn 

during peak wind gusts, and failure may occur due to the accumulation of damaging 

peaks events. In addition, the connection behavior changes along the material aging 

process. A common way to estimate an average fastener load is dividing the total load 

by the number of fasteners. Therefore, some authors 194; 195; 196; 197 have demonstrated 

that this averaging method provides inaccurate or non-optimized results, since there is 

a load transfer between adjacent fasteners. Different methodologies have been 

described in the literature to take into account this load transfer due to local failures on 

fixing systems 188; 198; 199. 
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Finite element modeling has been used 200; 201 to simulate the global structural 

behavior based on the screw parameters. Fixing connectors have been usually 

represented by relying rotation, displacements and nodal forces of two different points 

by a spring link or by defining a particular stiffness matrix 117. The interaction between 

connector and material has been commonly considered in this fixing definition. 

The proposal of this chapter is to assess the behavior of a screw-board 

connection in function of aging and screws type. The two effects, in-plane and pull-

through loads, will be considered separately. A theoretical analysis of the in-plane 

board displacements is proposed and complemented by a numerical study, to validate 

drilling recommendations and an optimized positioning of the screws. The pull-trough 

effect is studied by the proposal of an experimental methodology, to characterize the 

behavior of the screw-board connection in different ages and hygrometric conditions. 

Therefore, a numerical model is calibrated to represent those screw connections. 

 Screw-board interaction 

During the assembly and drilling process, a preload is applied on the board. The 

tightening torque implies a first compression load on the board, and a small elongation 

of the screw. This initial torque has to be properly controlled, in order to avoid any micro 

cracking nucleation due to an excessive compression. During the service life, the fixing 

system will be subjected to axial and transversal loads, generating a pull-through and 

a shearing efforts. The pull-through behavior is initially elastic with a post-peak, usually 

governed by the interaction of the screw head and the board. The shearing forces 

result from the lateral contact between a fastener and the board. 

Different systems may be used to fix fiber cement boards on lightweight façades 

frames 202. Screws and rivets are the most used board connectors for LSF structures. 

The fixation is ensured by a pressure perpendicular to the fiber cement board, exerted 

by the screw head and the support profile. The anchor points may be fixed or sliding; 

it means blocking or allowing the displacements in the board plane. Sliding, or gliding, 

points are obtained by a gap between the screw or rivet axis and the hole on the board, 

for example. When the fixing system limits these dimensional movements, this implies 

in-plane stresses acting on the fiber cement board, and increasing the risk of cracking. 

Following this reasoning, it is preferable to use a minimum of fixed points, ensuring the 

necessary to prevent a rigid body motion of the board, but avoiding in-plane stresses. 
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Some manufacturers recommend the use of pre-drilled holes bigger than the 

screw or rivet diameter to ensure the free space for a sliding point 203; 204; 205. In all 

cases, at least two fixed points must be defined in each board with all other gliding 

points allowing movement. Figure 41 shows an example of the choice of fixing points 

in a mounted board. As the pre-hole is bigger than the diameter of the screw or rivet, 

a fixed point is formed using rivets with sleeve (Figure 42) or screws with washers 

(Figure 43) in these specific points.  

Figure 41: Example of fixing and gliding points positioning. 

 

Source: Equitone (2018). 203 

 Figure 42: Fixing system using rivets. a) Sliding point. b) Fixed point using a rivet sleeve. 

 

a) 

 

b) 

Source: Cembrit. (2019). 204 

Figure 43: Fixing system using screws. a) Sliding point. b) Fixed point using washers. 

 

a) 

 

b) 

Source: Cembrit. (2019). 204 
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In Brazil, the common fasteners for board screwing on steel structures are self-

drilling screws with flat or wafer head 206; 207; 208. The boards are directly screwed 

without pre-drilling, and the screws can be winged or not, as shown in Figure 44. The 

wings enlarge the hole, allowing the threads to pass through the board without 

engaging the fiber cement material. Yet, they produce a small gap between the board 

and the screw, allowing a free displacement at the hole. In case of flat head screws, 

the conical part of the screw becomes embedded below the board surface (~1mm). 

This embedment can block the in-plane board displacement, resulting in a fixed point. 

Figure 44: Self-drilling screws. a) Flat head with wings, b) Wafer head without wings. 

 
(a) 

 

(b) 

Source: a) Brasilit (2019). 208 b) Ciser (2019). 209  

Alternatively, boards can be chemically fixed on the metal structure. Tapes and 

structural adhesives have been proposed as invisible fixing systems. These chemical 

fasteners may increase the final façades aesthetic and productivity, besides 

contributing to avoid edge cracks. However, the quality of these adhesives application 

is highly dependent on favorable climatic conditions, and it demands boards with 

regular, plane and cleaned surfaces. 

 In-plane loads 

The modeling of structure connectors is a boundary condition problem. 

Resolving this problem implies the imposition of relative displacements and rotations 

between two or more points. The different fasteners can be defined by specific force-

displacement equations that will be exemplified in 5.3.2. 

A first and simple analysis can be made considering each connecting point as 

a fixed point, and assessing mechanical effects or damages by the resultant material 

stresses. Based on this assumption, a preliminary simulation of shrinkage effects has 

been proposed, using the software ABAQUS for a Finite Element Analysis. A standard 

screwed board has been modeled, and each screwed connection has been 

represented by blocking the three translational degrees-of-freedom (dof).  
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Figure 45: Localization of the maximum stressed connecting point due to in-plane loads. 

 

Source: author. 

It can be observed, as illustrated in Figure 45, that fixations at the corners of the 

board are the most stressed in case of in-plane loads, such as shrinkage. However, 

modeling screwed connections as fixed points is a highly conservative approach. This 

model has generated overestimated stresses, or it can even result in an 

overconstrained numerical problem. 

A more realistic approach, therefore, is to consider the fixed points as springs 

characterized by their respective elastic stiffness. This assumption alleviates the 

overconstraining, holding a mechanical condition to represent fixings. This strategy 

provides good predictive results for comparative analysis, for example, regarding the 

influence of fixing stiffness on crack initiation and propagation. 

In addition to the fixing stiffness, the geometrical parameters of the façade, such 

as the board size, screws spacing and studs distance have a clear influence on 

mechanical stresses and damage results. In order to define the influence of each of 

those parameters, the study focused on the fastener in the corner of the board and its 

resultant displacements and forces during shrinkage. 

This study started with the definition of an analytical approach to estimate the 

displacement field generated by shrinkage. Board in-plane displacements were 

calculated by considering a free displacement connector without any fixed point. 

Afterwards, the influence of the connector elastic stiffness was assessed by comparing 

different stiffness and the correspondent cracking results.  
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5.2.1. Free board displacements 

Consider a rectangular board of width 𝑤𝑏𝑜𝑎𝑟𝑑 and length 𝐿𝑏𝑜𝑎𝑟𝑑. If this board is 

subjected to a shrinkage equal to 휀𝑠ℎ, the field of displacements can be described by 

the equivalent displacements 𝑢𝑥 and 𝑢𝑦 applied at the free edges of the board, as 

indicated in Figure 46, where �⃗� represents self-weight loads. By symmetry, the model 

can be simplified taking one single fixing point at the corner of the board. The influence 

area of this fixing point is illustrated in Figure 47, and it can be defined in function of 

studs distance (𝑑𝑠𝑡) and screws spacing (𝑠𝑠𝑐𝑟𝑒𝑤).  

Figure 46: Field of displacements generated by a shrinkage loading. 

 

Source: author. 

Avoiding the need of a geometrical representation of connectors, the fastener is 

represented here by one point. This single point 𝑂 is located as shown in Figure 48, 

where 𝑠𝑣𝑒𝑟 and 𝑠ℎ𝑜𝑟 are the distances of the point to both free edges. The same point 

is the center of a hole with diameter ∅𝑠𝑐𝑟𝑒𝑤, which represents the space created by 

drilling. This hole is equal to the screw diameter in case of self-drilling screws, or it can 

be larger than the connector diameter in case of pre-drills. Displacements at the edge 

of the drilled hole are coupled with those at the fixing point. 
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Figure 47: Influence area and symmetric boundary conditions of the corner fixing. 

 

Source: author. 

 

Figure 48: Position of the fixing point – distance to free edges and screwed hole diameter. 

 

Source: author. 

 

Therefore, free displacements at the point O can be estimated by a linear 

relation, decreasing from 𝑢𝑥 or 𝑢𝑦 at the correspondent free edge to zero at the 

opposite symmetry axis. This linear relation, in turn, can be written in function of the 

geometry, of the influence area, and of the coordinates of a point in relation to the free 

edges. Hence, the free displacements at the fixing point can be written as a multiple of 

the board shrinkage, as shown by equation ( 43 ), where 휁𝑥 and 휁𝑦 are linear multipliers 

defined by the geometrical conditions, representing an equivalent influence length. 
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𝑢𝑥,𝑂 = (
𝑤𝑖 − 𝑠ℎ𝑜𝑟
𝑤𝑖

) 𝑢𝑥 = (
𝑤𝑖

𝑤𝑖 + 𝑠ℎ𝑜𝑟
) (
𝑤𝑏𝑜𝑎𝑟𝑑
2

) 휀𝑠ℎ = 휁𝑥휀𝑠ℎ  

𝑢𝑦,𝑂 = (
𝑙𝑖 − 𝑠𝑣𝑒𝑟
𝑙𝑖

) 𝑢𝑦 = (
𝑙𝑖

𝑙𝑖 + 𝑠𝑣𝑒𝑟
) (
𝐿𝑏𝑜𝑎𝑟𝑑
2

) 휀𝑠ℎ = 휁𝑦휀𝑠ℎ  

( 43 ) 

Table 38 indicates 휁𝑥 and 휁𝑦 values for different studs and screw spacing for a 

1200mm by 3000mm board, assuming that there is no dependency of displacements 

in different directions. These results allow, for example, the estimation of the diameter 

of a pre-drill, or the displacements reduction when increasing the distances of the 

corner fastener to the free edges. 

As an example, consider an irreversible shrinkage of 3,4mm/m, as estimated in 

3.4.2.1, and the worst case scenario for both directions. A gap of 2,0mm between the 

screw thread and the board would be sufficient to avoid the contact and the creation 

of a fixed point in the horizontal direction (𝑥). By the same reasoning, a minimum gap 

of 5,0mm is needed in the vertical direction (𝑦) to ensure only free in-plane 

displacements. In case of the contact between the screw and the board, a 

complementary analysis is needed, thus adding the influence of the screw stiffness. 

Table 38: Equivalent influence lengths for a 1200mmx3000mm rectangular board. 

𝜻𝒙 (m) 𝒅𝒔𝒕 (mm) 

𝒔𝒉𝒐𝒓 (mm) 400 600 

10 0,57 0,58 

15 0,56 0,57 

20 0,54 0,56 

25 0,53 0,55 

30 0,51 0,54 
 

𝜻𝒚 (m) 𝒔𝒔𝒄𝒓𝒆𝒘 (mm) 

𝒔𝒗𝒆𝒓 (mm) 150 300 400 

10 1,32 1,41 1,43 

25 1,13 1,29 1,33 

50 0,90 1,13 1,20 

100 0,64 0,90 1,00 

150 0,50 0,75 0,86 
 

Source: author. 

5.2.2. Fixed and sliding fasteners modeling 

A fixing system can be designed to hold boards by tied fasteners blocking all 

movements or by slack fasteners exerting a sufficient perpendicular pressure, whilst 

allowing free lateral and in-plane displacements. It is possible to simulate the behavior 

of those fasteners and their interaction with the board without their geometrical 

representation, as commented in 5.2.1. Restrained movements, in that case, can be 

represented by springs supports as illustrated in Figure 49. 
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Figure 49: Fasteners model using springs supports and coupled nodes. 

 

Source: author. 

This displacement constraint is dependent on the definition of the spring 

stiffness. Rigid connections, as tied fasteners, are simulated by high stiffness values. 

In order to assess the influence of those values, the results of a shrinkage simulation 

on a fiber cement board in ambient conditions have been compared.  

The board was modeled considering its orthotropic behavior and using the 

XFEM parameters, as described in 4.2, to evaluate the crack propagation. The corner 

fastener was assumed to be located at 10mm from the frees edges. A comparative 

analysis of crack initiation and propagation was done for different spring stiffness 

magnitudes: 100N.mm; 500N.mm and 5000N.mm. Figure 50 presents the crack 

evolution, comparing the critical shrinkage, which causes the initial cracking (휀𝑠ℎ,𝑐𝑟) and 

the crack length (𝑙𝑐𝑟) for each case. This parametric analysis was done considering a 

shrinkage up to 3,0mm/m and using the personalized algorithm spring_screws.py. 

From these results, more rigid connections have implied earlier cracks. 

Furthermore, the cracking path and its length increase are different according to the 

spring stiffness definition. Since the fastener-board contact results in blocked 

movement, the highest stiffness value may be assumed to represent this tied 

connection. Moreover, the cracking path gotten from the simulation with a 5000N.mm 

spring has a similar pattern to those currently observed in real cases, as illustrated in 

Figure 51. Finally, it was observed that when using low stiffened springs, the cracking 

process starts later, and there is no crack propagation even in an advanced shrinkage 

stage. This last conclusion is also valid in a free-displacement case, i.e, using sliding 

points. 
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Figure 50: Influence of fastener stiffness on cracking results. 

Crack initiation 

𝑘𝑥 = 𝑘𝑦 = 100𝑁/𝑚𝑚 

 

휀𝑠ℎ,𝑐𝑟 = 0,6 𝑚𝑚/𝑚 

𝑘𝑥 = 𝑘𝑦 = 500𝑁/𝑚𝑚 

 

휀𝑠ℎ,𝑐𝑟 = 0,2 𝑚𝑚/𝑚 

𝑘𝑥 = 𝑘𝑦 = 5000𝑁/𝑚𝑚 

 

휀𝑠ℎ,𝑐𝑟 = 0,02 𝑚𝑚/𝑚 

Intermediate stage - 𝜺𝒔𝒉 = 𝟏,𝟎𝒎𝒎/𝒎 

𝑘𝑥 = 𝑘𝑦 = 100𝑁/𝑚𝑚 

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑒 𝑝𝑟𝑜𝑝𝑎𝑔𝑎𝑡𝑖𝑜𝑛 

𝑘𝑥 = 𝑘𝑦 = 500𝑁/𝑚𝑚 

 

𝑙𝑐𝑟 ≈ 0,5 𝑚𝑚 

𝑘𝑥 = 𝑘𝑦 = 5000𝑁/𝑚𝑚 

 

𝑙𝑐𝑟 ≈ 4,6 𝑚𝑚 

Advanced stage - 𝜺𝒔𝒉 = 𝟑, 𝟎𝒎𝒎/𝒎 

𝑘𝑥 = 𝑘𝑦 = 100𝑁/𝑚𝑚 

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑒 𝑝𝑟𝑜𝑝𝑎𝑔𝑎𝑡𝑖𝑜𝑛 

𝑘𝑥 = 𝑘𝑦 = 500𝑁/𝑚𝑚 

 

𝑙𝑐𝑟 ≈ 0,8 𝑚𝑚 

𝑘𝑥 = 𝑘𝑦 = 5000𝑁/𝑚𝑚 

 

𝑙𝑐𝑟 ≈ 6,0 𝑚𝑚 

Source: author. 
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Figure 51: Examples of cracking path in real façades cases. 

 
 

Source: author. 

In case of sliding points, such as using pre-drilled fasteners, the shrinkage 

analysis must be made in two stages, at least. The first stage corresponds to the free 

shrinkage of the board, without any restrained in-plane displacement. Afterwards, once 

the lateral contact between the fastener and the board is initiated, the spring support 

is activated and the successive displacements will generate material stresses and 

initiate a presumed board cracking. 

5.2.3. Minimum edge distances 

It was shown in 5.2.1  that the fixing distance to the edge influences the 

connector displacement results caused by in-plane loads. Assuming a linear 

displacement field, the closer the connector is to the edge, the larger the displacements 

are. This way, the definition of the edge distances has a direct impact on the cracking 

initiation and propagation on the board. 

The same numerical model proposed in 5.2.2 was used to provide a 

comparative analysis of different edge distances of a fixed point. Assuming that the 

smaller dimension of the board is parallel to axis 𝑥, the increase of the 𝑦-distance 

(meaning the distance of the screw to the smaller edge) has a bigger influence on 

results than the change of the 𝑥-distance. An optimized choice of edges distances may 

slightly retard the crack initiation (휀𝑠ℎ,𝑐𝑟), besides reducing its final length, as 

exemplified by Figure 52. 

However, even if minimum edge distances can retard the cracking process, they 

cannot avoid cracks in the case of using fixed points. To eliminate or mitigate this risk, 

the optimized connector design must include a reduced connector stiffness or the use 

of pre-drills, in addition to the minimum edges distance. 
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Figure 52: Influence of edge distances on cracking results.  

Crack initiation 

10𝑥10 

 

휀𝑠ℎ,𝑐𝑟 = 0,017 𝑚𝑚/𝑚 

10𝑥150 

 

휀𝑠ℎ,𝑐𝑟 =  0,030 𝑚𝑚/𝑚 

50𝑥150 

 

휀𝑠ℎ,𝑐𝑟 =  0,034 𝑚𝑚/𝑚 

Intermediate stage - 𝜺𝒔𝒉 = 𝟏,𝟎𝒎𝒎/𝒎 

10𝑥10 

 

𝑙𝑐𝑟 ≈ 4,6 𝑚𝑚 

10𝑥150 

 

𝑙𝑐𝑟 ≈  9,1 𝑚𝑚 

50𝑥150 

 

𝑙𝑐𝑟 ≈  6,2 𝑚𝑚 

Advanced stage - 𝜺𝒔𝒉 = 𝟑, 𝟎𝒎𝒎/𝒎 

10𝑥10 

 

𝑙𝑐𝑟 ≈ 6,0 𝑚𝑚 

10𝑥150 

 

𝑙𝑐𝑟 ≈  10,2 𝑚𝑚 

50𝑥150 

 

𝑙𝑐𝑟 ≈  7,3 𝑚𝑚 

Source: author. 
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5.2.4. Effect of pre-drilling 

The best way to avoid a stress concentration on a fixing point is allowing free 

in-plane displacements. The pre-drilling is a common solution to ensure this free 

movement, as presented in 5.1. This free space is limited, and it can be estimated by 

the difference between the drill and the screw diameters, as indicated in equation ( 44 

) if considering a perfectly centered connector as illustrated by Figure 53. 

𝛿𝑓𝑟𝑒𝑒 = ±
∅𝑑𝑟𝑖𝑙𝑙 − ∅𝑠𝑐𝑟𝑒𝑤

2
 ( 44 ) 

Figure 53: Pre-drill schema. 

 

Source: author.  

A numerical study is proposed to verify the efficiency of pre-drills for the 

reduction of cracking risks. The numerical model is the same previously used in this 

chapter, adding the new information of a pre-drill in the calculation of the displacement 

field evolution. A specific routine called pre_drill.py was created, and it runs the 

analysis of the shrinkage effect in 2 steps: 

 1st step - before the contact between the board and the screw thread: 

considering the free-displacement of the connector until reaching  the 

𝛿𝑓𝑟𝑒𝑒 value. 

 2nd step – after the contact between the board and the screw thread: 

considering a stiffened connection, such as described in 5.2.2, in the 

direction where 𝑢𝑂 exceeds 𝛿𝑓𝑟𝑒𝑒. 

Two pre-drilling solutions were analyzed and compared with the fixed point 

behavior. Both solutions were assessed assuming that fixing is ideally centralized and 

neglecting any eccentric effect. The first solution considers a rivet with 4,8mm of 

diameter and a pre-drill of 9mm and the second one taking a rivet of 4,9mm and a drill 

of 11mm. Figure 54 shows the results for the different drilling conditions. The use of 
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larger drills reduces significantly the risk of cracking due to shrinkage, even for the 

worst edge distance cases with screws nearer the edges. The initial gap between the 

board and the screw enables a first stress-free stage, delaying the crack initiation and, 

hence, its propagation.  

Figure 54: Effect of pre-drilling considering 10mm of edges distances. 

𝐹𝑖𝑥𝑒𝑑 𝑝𝑜𝑖𝑛𝑡  
(∅𝑑𝑟𝑖𝑙𝑙 = ∅𝑠𝑐𝑟𝑒𝑤) 

Pre-drill 1 
∅𝑑𝑟𝑖𝑙𝑙 = 9,0𝑚𝑚 

∅𝑠𝑐𝑟𝑒𝑤 = 4,8𝑚𝑚 

Pre-drill 2 
∅𝑑𝑟𝑖𝑙𝑙 = 11,0𝑚𝑚 

∅𝑠𝑐𝑟𝑒𝑤 = 4,9𝑚𝑚 

Crack initiation 

 

휀𝑠ℎ,𝑐𝑟 = 0,017 𝑚𝑚/𝑚 

 

휀𝑠ℎ,𝑐𝑟 = 1,60 𝑚𝑚/𝑚 

 

휀𝑠ℎ,𝑐𝑟 =  2,25 𝑚𝑚/𝑚 

Intermediate stage 

 

휀𝑠ℎ = 1,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈ 4,6 𝑚𝑚 

 

휀𝑠ℎ = 2,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,7 𝑚𝑚 

 

휀𝑠ℎ = 2,5 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,5 𝑚𝑚 

Advanced stage - 𝜺𝒔𝒉 = 𝟑, 𝟎𝒎𝒎/𝒎 

 

𝑙𝑐𝑟 ≈ 6,0 𝑚𝑚 

 

𝑙𝑐𝑟 ≈  1,4 𝑚𝑚 

 

𝑙𝑐𝑟 ≈  1,0 𝑚𝑚 

Source: author. 
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The good results already provided by the large drills solutions can be still 

improved by combining pre-drills with minimum edges distances. Figure 55 and Figure 

56 show that the risk of cracking can be conveniently eliminated or roughly mitigated 

by increasing the minimum edges distances by using both pre-drilled solutions. 

Figure 55: Combined effect of pre-drilling and minimum edge distance for pre-drilled solution 1. 

𝑠ℎ𝑜𝑟 = 15𝑚𝑚 
𝑠𝑣𝑒𝑟 = 50𝑚𝑚 

𝑠ℎ𝑜𝑟 = 15𝑚𝑚 
𝑠𝑣𝑒𝑟 = 100𝑚𝑚 

𝑠ℎ𝑜𝑟 = 50𝑚𝑚 
𝑠𝑣𝑒𝑟 = 150𝑚𝑚 

Crack initiation 

 

휀𝑠ℎ,𝑐𝑟 = 2,90 𝑚𝑚/𝑚  

 

휀𝑠ℎ,𝑐𝑟 = 3,9 𝑚𝑚/𝑚 

 

휀𝑠ℎ,𝑐𝑟 =  3,9 𝑚𝑚/𝑚 

Intermediate stage 

 

휀𝑠ℎ = 4,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,85 𝑚𝑚  

 

휀𝑠ℎ = 4,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,60 𝑚𝑚 

 

휀𝑠ℎ = 4,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,32  𝑚𝑚 

Advanced stage 

 

휀𝑠ℎ = 5,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  1,40 𝑚𝑚  

 

휀𝑠ℎ = 5,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,85 𝑚𝑚 

 

휀𝑠ℎ = 5,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,45  𝑚𝑚 

Source: author. 
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Figure 56: Combined effect of pre-drilling and minimum edge distance for pre-drilled solution 2. 

𝑠ℎ𝑜𝑟 = 15𝑚𝑚 

𝑠𝑣𝑒𝑟 = 50𝑚𝑚 

𝑠ℎ𝑜𝑟 = 15𝑚𝑚 

𝑠𝑣𝑒𝑟 = 100𝑚𝑚 

𝑠ℎ𝑜𝑟 = 50𝑚𝑚 

𝑠𝑣𝑒𝑟 = 150𝑚𝑚 

Crack initiation 

 

휀𝑠ℎ,𝑐𝑟 =   3,30 𝑚𝑚/𝑚  

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑎𝑡𝑖𝑜𝑛 𝑢𝑛𝑡𝑖𝑙 5𝑚𝑚/𝑚 

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑎𝑡𝑖𝑜𝑛 𝑢𝑛𝑡𝑖𝑙 5𝑚𝑚/𝑚 

Intermediate stage 

 

휀𝑠ℎ = 4,0 𝑚𝑚/𝑚 

𝑙𝑐𝑟 ≈  0,55 𝑚𝑚  

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑎𝑡𝑖𝑜𝑛 𝑢𝑛𝑡𝑖𝑙 5𝑚𝑚/𝑚 

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑎𝑡𝑖𝑜𝑛 𝑢𝑛𝑡𝑖𝑙 5𝑚𝑚/𝑚 

Advanced stage 

 

𝑙𝑐𝑟 ≈  0,55 𝑚𝑚  

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑎𝑡𝑖𝑜𝑛 𝑢𝑛𝑡𝑖𝑙 5𝑚𝑚/𝑚 

 

𝑛𝑜 𝑓𝑖𝑠𝑠𝑢𝑟𝑎𝑡𝑖𝑜𝑛 𝑢𝑛𝑡𝑖𝑙 5𝑚𝑚/𝑚 

Source: author. 

It can be noted that the results have been more affected by changing the vertical 

edge distance (relative to the smaller edge). Moreover, changing the minimum 

horizontal distance has provided only a slight improvement, and, therefore, the 

configuration 15mm x 100mm with large drills has been pointed as an optimized choice 

to avoid major cracking risks due to shrinkage. 
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 Pull-through loads 

5.3.1. Experimental characterization of self-drilling screws 

These tests aim to provide the maximum screw pull-through strength and the 

connection stiffness of two self-drilling stainless steel screws commonly used in the 

Brazilian market. The pull-through was measured both in samples stored in ambient 

conditions and in soaked samples, in order to verify the influence of the humidity 

content on the board-screw behavior. New and natural aged samples are also 

compared to assess potential changes on the fastener behavior due to aging.  

5.3.1.1. Methodology 

The pull-through tests were made following the ASTM D1037 standard 210. 

Board samples measure 150mm x 150mm and their thickness is 10mm (+/- 0,3mm). 

Screws are driven through the center of the board perpendicular to the surface, as 

shown in Figure 57. Two types of 4,2mm x 32mm screws were tested: a flat head 

winged screw and a wafer head screw without wings, as presented in 1.3.4. 

The assembly test is shown in Figure 58. A support with a 76mm-diameter 

central hole is used to block the board in the vertical direction. Samples are placed 

with screw threads up. Load is applied by a tensile non-shift wedge grip. Testing was 

performed in a universal testing machine Shimadzu AGS-X, 5kN-load cell capacity, 

with a controlled displacement rate of 1,5mm/min. 

Figure 57: Screws driven through board samples. 

 

Source: author. 

Samples considered as “Ambient” were tested after at least 7 days in laboratory 

ambient conditions (23 ± 5 °C and 50 ± 10 % of RH). Samples called “Wet” were tested 

after 24 hours immersed in water at ambient temperature. In both cases, screws are 

drilled before the sample conditioning to simulate a real case of water saturation in 

presence of a screw on the board. 
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Figure 58: Test assembly for measuring screw pull-through resistance. a) Board positioning with screw 
threads up. b) Test starting with board blocked by the support fixture. 

 
a) 

 
b) 

Source: author. 

For aging effect analysis, samples were taken from boards exposed to natural 

aging for 3 years. The reference samples considered as “New” were taken from boards 

after 3 months in factory storage without temperature controlling. The aging 

quantification and analysis of the samples were presented in 3.4. 

5.3.1.2. Results and analysis 

Five samples were tested for each combination of screw type, sample 

conditioning and aging. The results are identified by the combination description (“Flat 

head screw new wet” or “Wafer head screw aged ambient”, for example). The average 

load-displacement curve is presented for each testing condition.  

A graphical analysis indicates the maximum pull-through force and the elastic 

parameters for each configuration. Figure 59 shows those experimental pull-trough 

results. From the graphs, it can be remarked that the main difference between the two 

types of screw is their post-peak behavior. Even if the first peak value is statiscally 

similar for both screws, the absence of wings imply a stiffner screw-board connection, 

as shown in Table 39. The first peak, however, is independent of the wings presence. 

It corresponds to the matrix failure caused by the screw head and it occurs when the 

head of the screw completely passes above the material surface, at approximately 

1mm of vertical displacement.  
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Table 39: Pull-through strength results for new samples. 

 Flat head winged screws 
Wafer head screws without 

wings 

Parameter Ambient Wet Ambient Wet 

k (N/mm) 786,3 ± 82,6 557,2 ± 56,4 887,9 ± 95,4 663,8 ± 73,0 

1st crack (N) 637,8 ± 108,4 399,2 ± 42,4 562,1 ± 94,3 369,4 ± 44,4 

Fmax (N) 637,8 ± 108,4 399,2 ± 42,4 840,8 ± 96,9 644,6 ± 58,0 

Source: author. 

Despite being a more rigid fastener, screws without wings promote an 

increasing of the post-peak pull-through resistance. After the complete screw head 

penetration above the surface, the connection threads-board and the wafer shape of 

the screw head work on resisting the applied force. This non-linear behavior suggests 

that after the first crack at the surface, the fibers act holding the screw displacement 

and increasing the pull-through force. In case of winged screws, the pull-through force 

drops after the first peak load, without any significative recovering. This behavior may 

be explained by the “pre-hole” created by wings that facilitates the head screw passing-

through after the first surface cracking. Table 39 summarizes these values, showing 

that the maximum pull-through force is bigger than the first crack resistance for screws 

without wings, while the pull-through force corresponds to the first crack resistance in 

case of winged screws. 

Fastening stiffness increases after aging. As shown in Table 40, the connection 

stiffness is bigger for both screws and hygrometric conditions. In addition, the pull-

through resistance rises too. This rising of these connection parameters is due to the 

cementitious matrix changes after aging and the irreversible board deformations. As 

explained in 3.4.1, aging produces a densification of the matrix, reducing pores and 

leaving the material more resistant, even less ductile. The combination of carbonation 

and soak-drying processes can also cause irreversible deformations with the shrinkage 

of the board, leading to a tighter screw-board connection. 

Effectively, in new samples, a bigger difference has been observed between the 

maximum pull-through force and the first-crack resistance for wafer head screws. The 

pull-through force increases around 50%-70% after the first crack in new samples, 

whilst it raises around 13%-30% for the aged ones. These results reveal that aging 

influences more the first peak than the maximum force, if they are different. Yet, it 

reaffirms the relation between the first-peak load and the matrix behavior. 
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Figure 59: Load-displacement pull-trough curves. 

  

Source: author. 

Finally, observing the values presented both in Table 39 and in Table 40, the 

loss of strength and stiffness can be noted when the boards are tested in a wet 

condition. This remark behaves the same way as the results presented in 3.3, since 

the presence of water degrades the matrix resistance and increases the fiber-matrix 

slipping and the material ductility. It is interesting to highlight that the strength 

decreasing is more important for new samples (~35%-50%) than for aged ones (~13%-

25%). This difference is due to the different water absorption of samples. After aging, 

samples absorb less water due to the pores reduction.  

Table 40: Pull-through strength results for aged samples. 

 Flat head winged screws 
Wafer head screws without 

wings 

Parameter Ambient Wet Ambient Wet 

k (N/mm) 811,2 ± 79,9 638,2 ± 114,9 963,1 ± 76,7 741,8 ± 69,1 

1st crack (N) 798,2 ± 44,9 570,7 ± 34,3 729,8 ± 51,1 585,9 ± 52,7 

Fmax (N) 798,2 ± 44,9 570,7 ± 34,3 823,3 ± 10,2 745,3 ± 11,3 

Source: author. 
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5.3.2. Mathematical models 

From the characterization presented in 5.2, the pull-through behavior of the 

screwed connections has been demonstrated to be non-linear. In order to avoid 

complexity in further analysis, the pull-through behavior can be simplified. Khan (2012) 

presents different piecewise linear models and a curvilinear load-displacement model 

to represent a connection withdrawing. These functions can define the load-

displacement curve up to the failure capacity of the connection, neglecting softening 

effects. Failure capacity is defined as the maximum withstood load by a connection. 

5.3.2.1. Flat head winged screws 

For the flat head screws with wings, experiments showed a linear behavior up 

to the maximum load followed by an irreversible drop of strength. Therefore, the load-

displacement behavior can be simple represented by a linear model up to the failure 

capacity. The parameters of this model are the failure capacity (𝐹𝐶), the failure 

displacement (𝑑𝐶) and the connection stiffness (𝑘𝐶), defined as the slope of the load-

displacement line. Figure 60 exemplifies the definition of the linear model up to the 

failure capacity of the connection. Linear model parameters for all sample 

conditionings are presented in Table 41. 

Table 41: Linear model parameters for flat head winged screws pull-through on fiber cement boards. 

Flat head winged 
screwed samples 

FC (N) dC (mm) kC (N/mm) 

New ambient 637,8 0,81 786,3 

New wet 399,2 0,72 557,2 

Aged ambient 798,2 0,98 811,2 

Aged wet 570,7 0,89 638,2 

Source: author. 

According to this model, the pull-through load function is written as ( 45 ), where 

𝐹 is the pull-through force, 𝑑 is the displacement of the screw orthogonally through the 

board and 𝐾𝐶 is the connection stiffness as defined previously. 

𝐹(𝑑) = 𝑘𝐶𝑑,            0 ≤ 𝑑 ≤ 𝑑𝐶 ( 45 ) 
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Figure 60: Load-displacement linear model example. 

 

Source: author. 

5.3.2.2. Wafer head screws without wings 

As shown in Figure 59, screws without wings have presented a linear behavior 

up to the first peak load, followed by a small drop, and recovering by an increasing of 

the resistive force. This behavior can be represented by a piecewise linear function or 

by a curvilinear function. The piecewise form considers three different slopes to 

represent the first peak load, the small drop and the strength recovering. In case of a 

curvilinear model, the global behavior can be represented neglecting the strength 

decreasing after the first peak, but maintaining the first peak identification followed by 

a strength increasing up to the maximum pull-through force. 

Figure 61 gives the example of a piecewise model definition. To write the 

piecewise linear function, three line slopes must be given or three force-displacement 

pairs. The three different pieces of the function correspond to the first peak load (𝐹1); 

the minimum load reached after the first crack (𝐹2) and the maximum force resistance 

after the first crack, or the failure capacity (𝐹3). Table 42 shows the model parameters 

for all sample conditionings. 

Therefore, the piecewise linear function is written in ( 46 ), where 𝐹𝑖 is the force 

on the i-piece, 𝑑𝑖 is the correspondent displacement and 𝑘𝑖 is the equivalent line slope. 

The function is, however, not monotonic. 
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Figure 61: Load-displacement piecewise linear model example. 

 

Source: author. 

 

𝐹(𝑑) = 𝑘1𝑑,            0 ≤ 𝑑 ≤ 𝑑1 

𝐹(𝑑) = 𝑘2𝑑,           𝑑1 < 𝑑 ≤ 𝑑2 

𝐹(𝑑) = 𝑘3𝑑,           𝑑2 < 𝑑 ≤ 𝑑3 

( 46 ) 

  

Table 42: Piecewise linear model parameters for wafer head screws without wings pull-through on 
fiber cement boards. 

Wafer head 
screws samples 
without wings 

F1 (N) 
d1 

(mm) 
k1 

(N/mm) 
F2 (N) 

d2 

(mm) 
k2 

(N/mm) 
F3 (N) 

d3 

(mm) 
k3 

(N/mm) 

New ambient 562,1 0,63 887,9 439,8 1,49 -142,7 840,8 7,01 72,6 

New wet 369,4 0,56 663,8 214,8 1,76 -128,8 644,6 7,74 71,9 

Aged ambient 729,8 0,76 963,2 623,8 1,72 -110,2 823,3 5,15 58,2 

Aged wet 585,9 0,79 741,8 476,9 2,02 -88,6 745,3 7,97 45,1 

Source: author. 

The curvilinear model can be interpreted as a plastic model. The function is 

defined by a linear behavior up to the yield capacity (𝐹𝑦). Afterwards, the connection 

presents a non-linear behavior up to failure capacity (𝐹𝐶). Assuming that the post-peak 

increasing can be represented as a plastic phenomenon, and neglecting the strength 

drop after the first peak, the load-displacement relationship adapted from Khan (2012) 

is given by ( 47 ). 
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𝐹(𝑑) = 𝑘𝐶𝑑,            0 ≤ 𝑑 ≤ 𝑑𝑦 

𝐹(𝑑) = 𝐹𝑦 + (𝑄0 +𝑄1(𝑑 − 𝑑𝑦))(1 − 𝑒
(
𝑘𝑦(𝑑𝑦−𝑑)

𝑄0
)
),           𝑑𝑦 < 𝑑 ≤ 𝑑𝐶 

( 47 ) 

 

This function, despite not representing the exact post-peak behavior, may be 

suitable to describe the global behavior. This model indicates the maximum connection 

capacity by a strictly increasing function. A monotonic function can be preferable to 

others for being numerically easier to apply. The graphic representation of the function 

is exemplified in Figure 62. The model parameters are presented in Table 43. 

Figure 62: Load-displacement curvilinear model example. 

 

Source: author. 

 

Table 43: Curvilinear model parameters for wafer head screws without wings pull-through on fiber 
cement boards. 

Wafer head 
screws samples 
without wings 

Fy  

(N) 
dy 

(mm) 
ky 

(N/mm) 
Q0  

(N) 
Q1 

(N/mm) 

New ambient 562,1 0,63 887,9 10 43 

New wet 369,4 0,56 663,8 12 38 

Aged ambient 729,8 0,76 963,2 5 20 

Aged wet 585,9 0,79 741,8 13 21 

Source: author. 
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5.3.3. Numerical pull-through modeling 

The numerical representation of the connector may be done by two main ways, 

as illustrated in Figure 63: an explicit modeling of the connector and its interaction with 

the board or by virtual wires relying nodes by defining behavioral equations, including 

the material interaction.  

The first choice, despite being more realistic, is costlier to implement due to the 

difficulty of characterizing and representing the fastener-board contact and the material 

damage or failure in the pull-through process. The interaction between the connector 

and the material plays an important role and must be considered for a proper modeling. 

However, stress concentration in the contact region may generate numerical 

instabilities, and distort the damage prediction accuracy in this case. 

The second model has a simpler implementation, since all behavioral equations 

were directly obtained by the experimental analysis. Moreover, those equations 

implicitly comprise the interaction between the screw and the board.  In this case, 

failure is assessed by the connector failure itself and not explicitly by a material 

criterion; and the pull-trough failure criteria will be directly represented as the connector 

damage, avoiding any contact modeling problem. 

Figure 63: Numerical modeling of pull-through test. Calibration of the screw-board interaction 
behavior. 

 

Source: author. 
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The implementation of the second modeling choice is facilitated by using the 

ABAQUS options to model a connector behavior 159. The numerical models were 

calibrated considering the different behavior options that could best represent each 

fixing solution. These numerical calibrations were done using the personalized model 

connector_design.cae. The linear connector behavior is defined by its stiffness. The 

non-linear post-peak behavior with strengthening was defined as a “pseudo-hardening” 

behavior, and it was modeled by defining explicitly the yield force by plastic motion 

ordered pairs. Finally, the maximum pull-trough force was adopted as the failure criteria 

in both cases. 

5.3.3.1. Flat head winged screws  

For the flat head winged screws, the numerical model was set to fit the elastic 

behavior of the connector. The connection is only assumed activated before reaching 

its 𝐹𝑚𝑎𝑥, due to the sharp drop in the pull-through strength after the peak. Indeed, there 

is no interest to pursue the analysis after the connector failure. For this reason, after 

reaching this maximum strength, it is assumed that the connector is fully broken, and 

the board is completely released at this respective point.  

The numerical model was calibrated using the definitions presented in 5.3.2.1. 

Therefore, Table 44 summarizes the input parameters obtained for the simulations. As 

observed in Figure 64, the numerical model has a good fit to predict the elastic 

performance of the connection and its pull-through. After the peak, the connector fails, 

and the numerical curves do not represent the experimental results anymore. 

Table 44: Numerical model parameters to simulate a flat head winged screwed connection. 

ABAQUS option  Elastic behavior Failure criterion 

Flat head winged screws  Elastic stiffness (N/mm) Upper bound - 𝐹𝑚𝑎𝑥 (N) 

New ambient 786 638 

New wet 557 400 

Aged ambient 811 875 

Aged wet 638 571 

Source: author. 
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Figure 64: Numerical calibration of winged screws pull-through. 

  
Source: author. 

5.3.3.2. Wafer head screw without wings 

In the case of using a wafer head screw without wings, two numerical models 

are proposed following the reasoning explained in 5.3.2.2. In both cases, the connector 

is considered with a plastic behavior to capture the strengthening effect after the first 

pull-through peak. The difference of the two modeling choices is the plastic curve 

definition: for a monotonic curve, only two points are defined ((F1,p1) and (F3,p3)), and 

in the case of using a piecewise function, an intermediate point ((F2,p2)) is needed to 

represent the slight softening after the first peak. 

Table 45: Input parameters for the numerical models of wafer head screws without wings. 

ABAQUS option  Elastic behavior Plastic behavior 

Flat head winged 
screws  

Elastic stiffness 

(N/mm) 
(F1,p1) (F2,p2) (F3,p3) 

New ambient 888 (600,0)  (400,1) (841,5) 

New wet 664 (369,0)  (200,1.3) (645,5.5) 

Aged ambient 963 (730,0) (624,0.96) (823,3.8) 

Aged wet 742 (586,0) (450,1.3) (745,7.2) 

Source: author. 
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Figure 65: Numerical calibration of no-winged screws using a monotonic curvilinear function. 

  

Source: author. 

Table 45 presents the numerical parameters for the plastic behavior simulation. 

Figure 65 and Figure 66 depict the numerical curves obtained for each modeling 

choice. It can be noted that it is possible to get a good agreement between the 

experimental and the numerical results despite the function choice. In addition, it can 

be highlighted that in this plastic case the connection behavior is fully represented, 

including its post-peak behavior.  

Figure 66: Numerical calibration of no-winged screws using a piecewise function. 

  

Source: author. 
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 Concluding remarks 

The design of the connectors to fix the fiber cement board in a façade must 

consider both in-plane and out-of-plane actions. The dimensional variation by 

shrinkage or carbonation and the wind load actions have been demonstrated to be the 

main loads acting on the façade system. Each of those actions generates different 

risks related to the fixing system, and it implies complementary analysis to define the 

connectors parameters and their positioning. Furthermore, if the tightening torque is 

not controlled during screwing, it can result in an excessive compression of the board, 

initiating micro cracking on the fixing regions. 

The dimensional variations may cause cracks on the boards if the connections 

are too stiff or quite close to the edges. It has been demonstrated, by computational 

simulations, that the best strategy to avoid the risk of cracking is the use of sliding 

points instead of fixed ones. If the screw diameter is close to the drill size, the 

connection becomes rigid and cracks will appear, whatever the fixing distancing to the 

edges is. On the other hand, the use of pre-drills with a drilling diameter higher than 

the connector gauge allows the free board displacement in case of shrinkage, 

mitigating the cracks. By combining pre-drills and the definition of minimum edge 

distances, the risk of cracks can be conveniently eliminated. It was defined, for the 

case studied in this work, that a pre-drill of 11mm for a rivet with 4,9mm is sufficient to 

avoid any crack until a dimensional variation of 5mm/m, provided a minimum horizontal 

edge distance of 15mm and a minimum vertical one of 100mm. 

Regarding the wind loads effect, the major engendered risk is the pullout of the 

board due to the fasteners failure. The assessment of this out-of-plane response 

depends on the connector behavior and its interaction with the board at the screwed 

regions. An experimental protocol has been implemented to characterize the fixing 

behavior, including the board interaction. The pull-through analysis has shown the 

different performance of a winged screw and a screw without wings in different 

hygrometric conditions and aging. 

As expected, in wet conditions the connector stiffness and the maximum 

strength are reduced in all cases. The use of screws without wings has resulted in an 

enhanced post-peak behavior and in the increasing of the pull-through strength, 

despite creating a more rigid connection. Moreover, it has been demonstrated that 

aging improves the pull-trough strength, whilst promoting a material embrittlement. 
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However, this embrittlement is not a major issue, since the convenient pre-drill and 

edge distances have been well defined to prevent cracks. Therefore, the worst case 

scenario for the pull-trough analysis has been the new samples. 

Based on the experimental characterization, numerical models have been 

proposed to simulate those connections in a finite element analysis. In order to simplify 

the modeling strategy, connectors have been represented by virtual wires with a 

behavior defined by a mathematical function. Those equations have been defined 

already comprising the interaction between the board and the screws, and failure has 

been directly defined as the maximum point of the connector behavior function. 

An elastic-linear model has been sufficient to represent the behavior of the 

winged screw, whose failure is reached after the pull-through peak. In the case of a 

no-winged screw, there is a strengthening in the post-peak behavior with a force 

recovering after a slight drop in the force-displacement curve.  Elastic-plastic models 

have been set to fit this “pseudo-hardened” experimental behavior with a good 

agreement. The definition of these numerical modeling strategies will be useful to 

represent the fixing system in a macroscale analysis of the overall façade panel 

performance. 

All analyses were done assuming the superposition of effects, by assessing 

separately the effects of pull-trough and in-plane displacements. In addition, the fixing 

point was considered ideally centered within the drilling hole. In this way, the 

conclusions presented in this work have to be carefully considered and it is 

recommended that any extrapolation has to be complemented by particular analyses 

considering a combined bending and axial forces that could be generated by an 

expected eccentricity. 
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6. NUMERICAL MODELING OF A FAÇADE PANEL 

Final numerical model: General boundary conditions and results 

The definition of the design parameters of a façade system depends on the 

validation of all structural requirements proposed in this work. Since those 

requirements have been postulated linked to the systemic performance of the façade, 

their verification demands an overall analysis including all components and their 

interactions. As presented in chapter 1, this global analysis will be done considering a 

façade panel composed by the metal frame, the fiber cement boards and the fixing 

system, assumed as the most relevant pieces for the structural performance setting.  

Therefore, the numerical model ability to simulate general façade performance 

depends on the definition of: 

 The general boundary conditions, including the metal frames modeling 

and their supports; 

 A model to simulate the board material behavior; 

 A model to simulate the connectors behavior; 

 The loads applied to the structure. 

The previous chapters described the last three points of the above list. Hence, 

this final chapter starts by presenting a discussion about the steel profiles modeling 

and the general boundary conditions. Next, the validation framework is revisited to 

clarify how each criterion is verified in the numerical analysis, and which the design 

loads are, and the limit values considered on the design of a 30-floor building façade. 

Then, the façade modeling is presented with all components considerations. 

Finally, a set of numerical results is used to assess the façade mechanical 

performance in different configurations. Optimized combinations of studs and screws 

distancing are obtained by ensuring that the structural requirements are fulfilled in both 

ULS and SLS safety limit states. The analyses include considerations about the 

hygrometric conditions and the aging effect on board and connector behaviors. 

It is important to highlight that all results presented here have been obtained 

considering the most critical hypotheses for the design loads definitions, as described 

in 2.3.3 and in 3.4.2. Those values and the optimized design parameters must be 

properly defined for each specific project, preventing any generalization. 
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 Structural frame modeling 

In order to validate the stud design, as presented in 1.3.2, a modeling strategy 

was proposed using the finite element method (FEM). An ABAQUS routine called 

stud_design.py was created to generate these analyses. Studs were modeled using 

the shell element S4 available in the software ABAQUS. This element is a general-

purpose quadrilateral shell element with 4-nodes, linear interpolation and full 

integration. The S4-element is recommended to allow a finite-strain formulation, to 

avoid hourglass modes, and to provide accurate solutions for in-plane bending and 

membrane responses. After a convergence study, a refined mesh was adopted with 

5x5mm-size S4 elements, as illustrated in Figure 67.  

The steel behavior was assumed as elastic until the yield stress limit. The elastic 

behavior was characterized by the Young’s modulus (E) of 200 GPa and by a Poisson’s 

coefficient of 0,3. Mass density was adopted as 7850 g/cm³. The yield stress was taken 

as 230 MPa, for a steel classified as ZAR 230. However, considering a safety factor of 

1,15, the elastic limit was considered at 200 MPa for dimensioning purposes. A static 

analysis was done with wind load applied as an equivalent distributed load along the 

web edge of the stud. A geometrical nonlinear formulation was assumed. 

Figure 67: Mesh detailing. 5mmx5mm S4 elements. 

 

Source: author. 

Three different models were proposed to simulate the stud behavior: a first 

model representing a pinned-supported stud, as assumed on the analytical analysis; a 

second model introducing boundary conditions, representing the inserts geometry; and 

a third proposal, simulating the lateral restraints provided by the boards. The example 

of the 200 x 40 x 12 x 1,25 stud was taken to illustrate the results, with a ULS wind 

load of 3,2kPa correspondent to a 30-floor building horizontal load. 
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6.1.1. Simply-supported stud 

This first model intends to simulate the same boundary conditions adopted on 

the analytical design, i.e., a simply-supported C-stud with a transversal displacement 

restrained at mid-span, due to bracing straps. Accordingly, in the numerical modeling 

in ABAQUS, the in-plane translational displacements of the web edges were blocked 

(𝑈𝑥 = 𝑈𝑦 = 0) at both stud extremities, as shown in Figure 68. Restraining only the web 

displacements, warping and local cross-section distortions remain free. The 

longitudinal displacement along the stud length was restrained (𝑈𝑧 = 0) in a central 

point, avoiding stress concentration at the supported edges.  

Figure 68: Boundary conditions of a simply-supported C-stud. Model 1.  

 

Source: author. 

Figure 69 shows the stress field results for the exemplified stud. The maximum 

stress remains lower than the ULS limit of 200 MPa (𝑓𝑦 1,15⁄ ). Figure 70 depicts the 

displacements field of the same stud. Table 46 presents the results of the maximum 

horizontal loads determined by numerical simulation for some proposed C-profiles. It 

can be observed a slight difference between these values and those in Table 4, which 

are obtained by analytical equations. The symbols ▲ and ▼ indicate when the 

numerical results are respectively greater or lower than those defined analytically. 
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Figure 69: Mises equivalent stress of Model 1. 

 

Source: author. 

These differences are due to the approximations of the linear analytical 

formulation, such as those for the calculation of effective sections 211. Furthermore, the 

geometrical properties determination, as inertia or section modulus, is not exact: 

tabulated values were used on the analytical approach, whereas the geometrical 

stiffness is calculated element-by-element in FEM. Analytical formulations are easy to 

apply, and give a good approximated solution. However, numerical methods, such as 

FEM, can be helpful to optimize the structure design, since they are able to capture 

some local or specific effects that do not appear in the analytical equations. 

Figure 70: Displacement field of Model 1. 

   

Source: author. 
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Table 46: Maximum design horizontal loads calculated by means of FEM for a 3-meters high C-stud. 

C-stud LSF profile 

(ZAR 230) 

Maximum design wind pressure - 

qwd (kPa) 

400 mm 600 mm 

90 x 40 x 12 x 0.8 1,4 0,9 

90 x 40 x 12 x 0.95 ▼1,7 ▼1,1 

90 x 50 x 12 x 0.95 ▼1,9 ▼1,2 

90 x 40 x 12 x 1.25 ▼2,3 ▼1,5 

140 x 40 x 12 x 0.95 2,9 ▲1,9 

140 x 50 x 12 x 0.95 ▼3,2 ▼2,1 

200 x 40 x 12 x 0.95 ▲4,6 ▲3,1 

200 x 50 x 12 x 0.95 ▲5,0 ▲3,5 

140 x 40 x 12 x 1.25 ▼3,9 ▼2,7 

200 x 40 x 12 x 1.25 ▲6,3 ▲4,2 

Source: author.  

Based on this numerical results and on the loads defined in 2.4.1, a list of 

recommended C-profiles is proposed for different building heights. Table 47 

summarizes these indicated C-stud profiles for LSF façades. The standard notation 

was used to indicate the profiles, including a last number defining the stud spacing of 

400mm or 600mm each. The choices were made based on the mechanical results 

before the defined loads for each building height, and also looking for the most 

economical option in terms of steel consumption, assessed by the ratio of the total 

steel mass by square meter of façade. 

Table 47: Suggested profiles for LSF façades studs. Minimum geometries. 

Floors Height 
Global load 
(kPa) ULS 

Suggested profiles 

studs at each 400mm studs at each 600mm 

10 30 m 2,2 90 x 40 x 12 x 1,25 140 x 50 x 12 x 1,25 

15 45 m 2,5 
140 x 40 x 12 x 0,95 200 x 40 x 12 x 0,95 

20 60 m 2,8 

25 75 m 3,0 140 x 50 x 12 x 0,95 or 
200 x 40 x 12 x 0,95 

200 x 40 x 12 x 1,25 
30 90 m 3,2 

35 105 m 3,3 
200 x 40 x 12 x 0,95 

40 120 m 3,4 

Source: author. 
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6.1.2. Inserts modeling as restrained displacements 

In case of choosing to represent the stud closer to the real application, a second 

modeling strategy is proposed, changing the boundary conditions of the problem. As 

shown in Figure 71, the inserts may be represented by displacements restrained at a 

portion of the web surface in the stud extremities. Inserts were assumed with a length 

of 150mm and a variable width to simulate the insert-web contact at the ends.  

Figure 71: Boundary conditions with insert geometry simulation. Model 2. 

 

Source: author. 

Even if this model is more representative of the real problem, it leads to a 

problem of stress concentration in the support corners, demanding a careful analysis 

on these regions. The stress concentration is dependent on the size of the support 

region, indicating the influence of the insert dimensioning and positioning on the stud 

design. As evidenced in Figure 72 and in Figure 73, a minimum of 2/3 of the web width 

must be in contact with the insert to avoid an important stress increase. Specific 

modeling of the inserts is necessary to design the insert geometry and shape; this 

detailing is out of the scope of this work.   

Insert-
web 
width 
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Figure 72: Stress increasing with reduced web-insert contact.   

 

𝑖𝑛𝑠𝑒𝑟𝑡𝑤𝑖𝑑𝑡ℎ
𝑤𝑒𝑏𝑤𝑖𝑑𝑡ℎ

= 1 
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=
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𝑖𝑛𝑠𝑒𝑟𝑡𝑤𝑖𝑑𝑡ℎ
𝑤𝑒𝑏𝑤𝑖𝑑𝑡ℎ

=
1

3
 

 

Source: author. 

Figure 73: Influence of insert width in stress concentration. 

 

Source: author. 

6.1.3. Contribution of the boards as a lateral in-plane restriction 

Considering that the load acts on the board, it is coherent to consider that the 

boards restrain the lateral in-plane displacement of the flanges. To represent this 

configuration, a third model was proposed with lateral displacements restraints at the 

screw fasteners locations along the stud height, as exemplified in Figure 74. Screws 

spacing of 150mm, 300mm, 400mm and 600mm were simulated, comparing the 

effects of these point restrictions in relation to the bracing strap simulation.  
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Figure 74: Boundary conditions considering lateral in-plane restraints provided by screws. Model 3. 

 

Source: author. 

The results, evidenced in Figure 75, showed that in case of boards screwed in 

both sides of the metal frame, the lateral restraints provided by the boards correspond 

to the bracing strap only if screws are spaced 300mm each, at most. If screw spacing 

is higher than 300mm, the maximum stress increasing becomes significant, although 

screws still provide a slight bracing effect. In case of considering a board screwed only 

in one side of the stud, for a siding wall for example, the screw points do not contribute 

to the lateral stud stability, and bracing straps become mandatory independent of the 

screw fastener spacing.     

Figure 75: Stress increasing in function of screws spacing.  

   

Source: author.  

 

Screws at 
150mm 

Screws at 
300mm 

Screws at 
400mm 

Lateral restraints provided 
by the boards at 300mm 
spacing 
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 Requirements validation framework  

At the beginning of this work, a generic set of criteria were proposed for the 

design of a lightweight façade system. It has been demonstrated that wind and 

shrinkage are the main actions to be considered in this design assessment. The 

definition of the imposed loads or imposed strains magnitudes have been shown as 

dependent of the specific conditions for each project and each material. In order to 

exemplify the use of this framework, Figure 76 summarizes the values that have been 

considered in the analysis of a 30-floor building façade.   

Figure 76: Design criteria for a 30-floor building lightweight façade. 

 

Source: author. 

A specific façade configuration, including the design parameters such as the 

stud and screw distancing, will be validated if the complete set of criteria is properly 

fulfilled. These assessments can be done by numerical simulations using the different 

models proposed in this work. Table 48 clarifies how each requirement can be 

assessed and which numerical routine can be used to the respective analysis. 

It can be noted from Table 48 that the shrinkage analysis and the metal frame 

design are considered already covered in previous items of this work. Assuming a stud 

profile as instructed in 6.1 and the screwing recommendations of 5.4, the requirements 

1 and 5 are consequently fulfilled. Hence, the complete façade model can be created 

considering only the wind load effect, and the analysis will be focused on the board 

stress results, the overall displacements and the connector resultant forces. 
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Table 48: Requirements validation framework. 

Limit 
state 

Effect Criterion Requirement validation 
Numerical 

routine 

ULS 

Global 
Structural 
strength 

1) Metal frame: design presented in 6.1. 

2) External board: the principal stress in 
the span must be lower than the ultimate 
board strength. 

Metal frame: 
stud_design.py 

External board: 
facade_design.py 

Local 
Pull-trough  

strength 

3) Connector: the maximum force 
cannot reach the pull-trough strength of 
the respective connector, that already 
considers the interaction with the board. 

 
 

facade_design.py 

SLS 

Global 
Maximum 
horizontal 

displacement 

4) Metal frame and external boards: the 
maximum overall displacement must be 
lower than 17,1mm, considering a 
façade of 3m-height. 

 
 
facade_design.py 

Local 
Crack 

initiation 

5) Shrinkage: the use of pre-drills and 
the minimum edge distances defined in 
5.4 are sufficient to fulfill this 
requirement. 

6) Wind loads: the principal stress must 
be lower than the yield stress of the 
board in all points and the connectors 
cannot fail. 

Shrinkage: 
pre_drill.py 

 

Wind loads:  
facade_design.py 

Source: author. 

 Façade modeling 

The numerical model of a façade panel was conceived by assembling the metal 

frames and the fiber cement boards. The interaction of these two parts is done by a 

fastener modeling that connects the points representing a screw. In order to facilitate 

a parametric analysis of different geometries and material properties, the routine 

façade_design.py was created. This routine allows the parametrization of all variables 

related to the façade modeling, such as the profiles and board geometries, the screws 

distancing and properties, and the material behaviors. 

To exemplify this façade modeling strategy, and to complete the validation of a 

façade panel for a 30 floor-building, a numerical model was created using the ABAQUS 

software. The façade typology was simplified considering only the metal frame 

(including studs and tracks) and the fiber cement board. Different studs and screws 

distancing were tested in order to reach the most optimized and safest solution. 

Besides these parameters variations, some premises were assumed to the modeling:   
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6.3.1. Geometry 

A façade frame was adopted in the same dimension of one fiber cement board 

for a conventional floor-to-floor height. Hence, the façade panel has 1,2m-width by 

3,0m-height. The metal frame is composed by studs (vertical elements) 400mm or 

600mm apart, and tracks (horizontal elements) disposed at 1,5m of height. The 

connection between studs and tracks is assumed to be rigid. The geometry of the LSF 

profiles was adopted according to Table 47 for a 30-floor building: 

 Studs (C-profile): 200 x 40 x 12 x 0,95 for 400mm of studs distancing and 

200 x 40 x 12 x 1,25 for 600mm of studs distancing; 

 Tracks (U-profile): 200 x 39 x 0,95 or 200 x 39 x 1,25. 

Since its thickness is quite smaller than the other dimensions, the board was 

modeled as a plate structure. Figure 77 illustrates the geometry of the façade panel 

model. This single-board frame allows the study of the screws and studs distancing, 

whose conclusions can be even used for larger panels. In case of longer panels, using 

more than one board, the inserts design and positioning become important variables 

to be taken into account. This insert conception was not assessed in this work, and 

must be done accordingly to each specific project.  

Figure 77: Façade frame geometry. 

 

Source: author. 
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6.3.2. Materials 

Two materials were used in this model: the steel for the metallic structure and 

the fiber cement for the board. The steel behavior was defined in 6.1. The fiber cement 

modeling was considered as described in 4.2. Since bending is the most relevant 

internal reaction in the case of perpendicular external loads, the material parameters 

were taken, as characteristic values, from 4.2.1, using the CDP model. The design 

strength is obtained by using a reduction factor of 1,4; it results in the ultimate board 

design values 𝜎𝑢,𝑎𝑚𝑏𝑖𝑒𝑛𝑡 = 4,0𝑀𝑃𝑎 and 𝜎𝑢,𝑤𝑒𝑡 = 2,7𝑀𝑃𝑎. 

6.3.3. Loads and boundary conditions 

The external loads, defined in Figure 76, are applied as perpendicular loads 

acting over the board, as illustrated in Figure 78. The boundary conditions, however, 

are applied on the metallic structure as described in 6.1.2, and illustrated in Figure 79.  

The intermediary track plays the role of bracing, ensuring the torsional strength 

of the studs. As the studs were dimensioned as simply-supported beams, each of them 

is supported by inserts in their extremities, replacing the upper and the bottom tracks, 

to relieve the model geometry. 

Figure 78: External wind load. 

 

Source: author. 
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Figure 79: Boundary conditions. Inserts positioning. 

 

Source: author. 

6.3.4. Connectors interactions 

The connectors are modeled by relying the displacements and rotations of 

nodes from the studs and the boards, as illustrated in Figure 80. The behavior 

equations were described in 5.3.3.  

Figure 80: Connectors interactions. 

 

Source: author. 
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6.3.5. Finite elements and meshing 

The façade panel was modeled using the shell element S4, as explained in 6.1. 

The metallic studs were meshed with 5mmx5mm elements to have at least 2 elements 

in the smallest part of the profiles (lateral stiffeners of 12mm). The board was meshed 

with 10mmx10mm elements. Both element sizes were verified by a mesh convergence 

analysis, comparing the maximum displacement obtained in a linear analysis.  

 Design parameters optimization 

This work defines as the main design variables of a lightweight façade system:  

the metal frame and the board geometries; the vertical studs distance and the screws 

positioning, including their spacing and edges distance. The board geometry was 

assumed as standard; the metal profile definition was given in 1.3.2 and confirmed in 

6.1, and the assessment of the optima screws-to-edges distance was presented in 5.2. 

Therefore, here the overall analysis of a single façade panel is presented, 

aiming to complete this design parameters definition. The influence of the vertical studs 

distance and the screws spacing is evaluated through numerical models including all 

materials behavior and geometry definitions. This analysis is completed by considering 

the effects of wetting, aging and the use of a non-winged screw on the global 

performance of the façade.           

6.4.1. Studs and screws optimum distance 

This analysis starts with a maximum distance of 400mm between studs and a 

vertical screws spacing of 300mm, which is the standard recommendation used in the 

construction market. The screws spacing increase is assessed using 400mm and 

600mm screws distances. Lastly, the same study is done for studs spaced each 

600mm. All analyses, in this first moment, are made considering the board and the 

fixing behaviors at ambient conditions (models defined in 4.1.3 and in 5.3.3.1). 

6.4.1.1. Studs distance of 400mm 

The configuration 400mm x 300mm (studs distance x screws distance) using 

winged screws presents a satisfactory behavior in the ULS analysis. Figure 81 shows 

that the maximum pull-trough force stays lower than the allowable connector force 

(𝐹𝑑,𝑝𝑢𝑙𝑙−𝑡ℎ𝑟𝑜𝑢𝑔ℎ = 638𝑁), and the principal stress, in absolute value, is under the board 

flexural strength (𝜎𝑢 = 5,6𝑀𝑃𝑎) in all regions, apart from the screw points. In these 
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punctual regions there is a stress concentration, and, then, the criteria to be verified is 

the pull-through equivalent force and not the board stress, as stated in 6.2. Although 

the maximum displacement is defined as a SLS requirement, this criterion is already 

fulfilled, even considering the ultimate load combination.  

Figure 81: Local ULS analysis considering studs and screws distance of 400mm x 300mm. 

 

Source: author. 

By increasing the screws spacing to 400mm, the façade panel maintains an 

adequate performance. Despite a slight increase of the maximum principal stress and 

maximum displacement, these values stay lower than the required ones as depicted 

in Figure 82. The connectors do not present any failure, though the maximum pull-

through force has a significant rise.  

To compare these two solutions, a safety factor (𝛾𝑠) can be introduced as the 

ratio of the pull-trough strength by the maximum pull-trough force calculated in the 

numerical model. The 400mm x 300mm configuration has a 𝛾𝑠 of 1,28, whilst the 

400mm x 400mm solution presents a safety factor of 1,05 in terms of pull-trough 

capacity. This way, the use of screws at each 400mm can be prescribed, since it is 

acceptable to admit this reduction in the safety margin.    
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Figure 82: Local ULS analysis considering studs and screws distance of 400mm x 400mm. 

 

Source: author. 

Figure 83: Local ULS analysis considering studs and screws distance of 400mm x 600mm. 

 

Source: author. 
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Trying to go beyond, the screws were pushed to a 600mm-spacing. However, 

the failure of some of the connectors was observed, resulting in the complete releasing 

of the board. As shown in Figure 83, the displacements and the stresses values related 

to the ULS load (3,5 kPa) are unrealistic, since the connectors have already failed. 

Assessing one previous step, with an equivalent load of 3,0 kPa, the principal stress 

and the pull-through forces had already reached their limit values, as illustrated by 

Figure 84. These results invalidate the choice of a screw distance of 600mm.  

Figure 84: Façade panel configuration of 400mm x 600mm under a horizontal load of 3,0kPa. 

 

Source: author. 

6.4.1.2. Studs distance of 600mm 

The same analysis presented in the previous item is done for a façade panel 

considering studs at each 600mm. Starting by the common screw spacing of 300mm, 

the Figure 85 reveals that the central connector fails in the ULS analysis. This failure 

is sufficient to disapprove this design configuration.  

The reduction of the screws distance to 150mm is proposed as an alternative. 

Figure 86 shows that, indeed, the pull-trough and the maximum displacement 

requirement are fulfilled with this new design. However, using the global design loads 

of 3,2kPa, the principal stress reaches the board design strength causing its failure in 

the region between studs. For this reason, no configuration using 600mm of studs 

distance is recommended for a 30-floor lightweight façade building with this board. 
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Figure 85: Local ULS analysis considering studs and screws distance of 600mm x 300mm. 

 

Source: author. 

Figure 86: Global ULS analysis considering studs and screws distance of 600mm x 150mm. 

 

Source: author. 
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6.4.2. Hygrothermal condition influence 

All the analyses are usually done using the material performance at ambient 

conditions. Aiming to verify the façade performance in most critical cases, simulations 

were run in a wet condition. The objective is to understand the limits of the design 

assumptions stated in 6.4.1, when using extreme material parameters. 

The façade configuration 400mm x 300mm with winged screws is assessed 

taking the saturated material inputs. The board behavior was taken from 4.2.1.2, and 

the screw modeling is the same as presented in 5.3.3.1, both considering the wetting 

results. Since the water saturation reduces the board and the pull-trough strength, the 

wet façade can withstand a maximum wind load of 3,0 kPa, as shown in Figure 87. 

Under a wind load of 3,5 kPa the system fails, as illustrated by Figure 88. 

Figure 87: Façade panel of 400mm x 300mm in wetting condition, under a horizontal load of 3,0kPa. 

 

Source: author. 

This result confirms that there is an important influence of the hygrothermal 

conditions on the façade system performance. In case of using completely saturated 

boards, the façade behavior can be degraded due to the drop of the material strength. 

However, it has to be pointed out that this condition of fully saturation was achieved 

after 48 hours with the board completely immersed in water, representing an extreme 

event.  
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Figure 88: Local ULS analysis in wet condition, with studs and screws distance of 400mm x 300mm. 

 

Source: author. 

 

Figure 89: Local ULS analysis in wet condition, with studs and screws distance of 400mm x 270mm. 

 

Source: author. 
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Even in this critical condition, a slight change on the screws spacing can help 

mitigate the risks. The use of a maximum screw spacing of 270mm, instead of the 

300mm initially proposed, is sufficient to ensure that any connector will not fail under 

3,5 kPa. Figure 89 presents these results, and it can be noted that the maximum pull-

trough force in this case is 390 kN, representing an equivalent safety factor of 1,03 for 

this wetting case. 

6.4.3. Aging effects 

Regarding the aging effects, it was demonstrated that there is an increase on 

the material strength along the time. This rising promotes an improvement of the 

façade system performance, since the drilling process is sufficient to accommodate 

the shrinkage along the time, maintaining the free in-plane displacements. The system 

tends to withstand more important loads, despite its embrittlement. 

For this reason, the façades configurations that are validated in the “new” 

condition will stay verified in an aged situation. Moreover, this performance 

improvement can be observed even in the wet condition where the 400mm x 300mm 

configuration meets the requirements, presenting a safety factor of 1,18 for the pull-

trough performance after aging.  

6.4.4. Screws type influence 

The screws choice has a direct influence on the admissible pull-through load, 

as demonstrated in 5.3. Indeed, the use of non-winged screws results in strengthened 

connections. Even if there is a drop in the first pull-trough strength, the connector 

recovers its pull-trough capacity after the peak. By changing the winged screws for a 

non-winged choice, the connections capacity increases around 30%, on average, 

whatever the condition. Therefore, these screws are a reasonable option when the 

pull-through requirement is the limiting factor. 

That is the case of the façades with studs at each 400mm, mainly to validate 

the parameters in a wet condition. Both configurations considering a screw spacing of 

300mm or 400mm present a satisfactory behavior with safety factors, in ambient 

conditions of 1,73 and 1,39, respectively. The configuration considering screws at each 

600mm still remains out of requirements. The stiffener behavior caused by those non-

winged connectors cannot be neglected. That is why the pre-drilling process is 

specially recommended in this case to mitigate the related in-plane cracking risks.  
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 Concluding remarks 

A global analysis has been presented in order to validate the façade system 

performance. A numerical model has been conceived to represent the interactions 

between the boards, the connectors and the metal frame. The material and the 

connectors behavior have been previously validated and calibrated through 

experimental analyses. The metal frame model has been defined in order to better 

simulate the boundary conditions of the frame support, including the inserts 

representations and the bracing restraining. 

A validation framework has been defined, indicating the design loads to be 

considered for a 30-floor building façade. A set of requirements has been drawn, by 

differentiating the ULS and the SLS assumptions and, in addition, the global and the 

local analyses. This framework has been completed by a clear description of variables 

that have to be monitored in the board, the fixing or in the metal frame parts. 

The optimization of the main design parameters has been proposed trough a 

numerical analysis of the complete façade system. This façade modeling regrouped 

the material, the connector and the geometry definitions for a single lightweight façade 

panel, comprising one fiber cement board screwed in the metal studs. The assessment 

of the different façade configurations has been based on the evaluation of the 

maximum stress, the maximum displacement and the maximum pull-trough load 

reached on each case. Figure 90 summarized the results obtained with winged screws. 

In ambient conditions, and considering 400mm of studs distancing, the 

connectors have had a satisfactory performance with 300mm and 400mm of screws 

spacing. The board strength has also respected the design limits, since it stayed in the 

elastic phase without damages in the span regions. Moreover, the maximum 

displacement stays lower than the maximum allowed, even using the ULS design load. 

Using a 600mm of screws distance, a lot of connectors have failed, and the board has 

been released, resulting in unrealistic displacement values in the numerical model.   

For the studs at each 600mm, the screws distance would be limited in 150mm 

to avoid any connector failure. Using the common 300mm of screws spacing, it has 

been observed that one connector failed, surcharging its adjacent fixing points. Despite 

the connector analysis, it has been noted that the board stress exceeds the material 
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strength in both situations. Therefore, the case of 600mm of studs distance cannot be 

considered for the described 30-floor building façade due to the board failure risk. 

Figure 90: Summary of façades design validation for a 30-floor building using winged screws. 

 

Source: author. 

Once again, it has been demonstrated that wetting can degrade the mechanical 

performance of the façade system. The reduction of the material capacity in wet 

condition has resulted in restricted configurations able to withstand the maximum wind 

load. The maximum screws spacing, in this case, has to be limited to 270mm. 

Nevertheless, this analysis represents an extremely critical condition, considering the 

board fully soaked, after many hours in water immersion. Therefore, the wet results 

must be carefully analyzed for each project, taking into account the real exposure 

conditions of the façade to avoid any oversizing or over restriction. 

Finally, aging and the use of non-winged screws have been demonstrated to be 

beneficial to the façade performance improvement. The natural aging has increased 

the mechanical strength, improving the board performance. On the other hand, the use 

of non-winged screws has raised the safety factor in all configurations where the pull-

trough is the limiting factor. This connector capacity increasing has validated the use 

of the 400mm x 300mm and the 400mm x 400mm façade configurations whatever the 

hygrothermal condition.    

  

Local Global Local*

Frame
Studs 

(mm)

Screws 

(mm)
Condition Metal frame External board Pull-trough

Horizontal 

displacement

Crack 

initiation

Ambient ok ok ok (γs = 1,28) ok ok

Wet ok out of limits out of limits ok ok

Aged wet ok ok ok (γs = 1,18) ok ok

Ambient ok ok ok (γs = 1,05) ok ok

Wet ok out of limits out of limits ok ok

Aged wet ok ok out of limits ok ok

Ambient ok out of limits out of limits ok ok

Wet

Aged wet

Ambient ok out of limits ok (γs = 1,22) ok ok

Wet

Aged wet ok ok ok (γs = 1,12) ok ok

Ambient ok out of limits out of limits ok ok

Wet

Aged wet

not assessed

not assessed

not assessed

Global (structural strength)

ULS SLS

200 x 40 x 12 x 0.95 400 300

Façade design for a 30-floor building using 

winged screws

200 x 40 x 12 x 0.95 400 400

200 x 40 x 12 x 0.95 400 600

*considering minimum edges distance of 15mm x 100mm with an appropriate pre-drilling

not assessed

200 x 40 x 12 x 1.25 600 150

200 x 40 x 12 x 1.25 600 300

not assessed



179 

 

CONCLUSIONS 

General remarks 

The lightweight façades have been gradually implemented in the Construction 

Industry. In Brazil, in particular, a clear definition of technical requirements is needed 

to ensure the mechanical performance of the façade system. The development of 

specific assessment tools can help and support these new developments, providing 

reliability and optimization. The proposal of a scientific methodology to evaluate 

façades helps increase the market confidence in these new systems, whilst 

contributing to promote sustainability, by improving the productivity and the quality of 

civil constructions in Brazil and around the world. 

A system evaluation demands the description of the components and their 

combined behavior. Predictive models have been proposed to assess the system 

performance, preventing cracking, large-displacements and pullout. This work 

proposes the definition of a design framework based on numerical models to assess 

the mechanical performance of lightweight façades in high buildings. This framework 

defines a set of requirements for global and local performance analysis, ensuring both 

ULS and SLS limit states design.  The criteria are related to structural strength, to the 

metal frame and board behavior, and to the fixing design.  

The definition of each requirement has been explored through a literature 

review, international standards comparison, numerical modeling and experimental 

tests. The framework has been particularly validated for the case of a 30-floor building 

façade. This work has focused on the analysis of a façade playing the role of the 

building envelope, and composed by the metal frame, the external fiber cement-boards 

and their fixing systems. No joint treatment and no monolithic rendering or coating were 

considered in this work. In addition, this study contributes to different areas such as: 

the characterization of fiber cement boards before and after aging; the numerical 

modeling of non-linear cracking process using different numerical techniques or even 

the definition of appropriated wind loads to be considered in a façade design project. 

Wind loads 

For high-building application, the wind load has been defined as the main action 

to be considered for the façade design, with its worst effect in suction. Moreover, local 

wind effects can generate more important loads imposed on the smaller façades 
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components, such as the connectors. Compared to other international standards, the 

Brazilian standard has been the only one that does not present a clear differentiation 

of global and local wind effects, generating a less conservative wind load prediction. 

To mitigate this gap, this study has proposed a slight increasing in the Brazilian S3 

factor, whose nomenclature was adopted as the importance factor, for the local design 

load definition for façades. In addition, a safety factor of 1,4 has been adopted for the 

ULS analyses, whilst 0,8 has been defined as the SLS wind load factor. Therefore, the 

design loads for a 30-floor building façade case have been defined varying from 3,5 

kPa for local ULS assessment to 1,8 for the global SLS evaluation, considering a 

critical case of wind suction combined with a high internal pressure coefficient. 

Fiber cement boards 

A detailed description of the fiber cement material has been presented. An 

overview of its production process and its theoretical constitutive behavior has been 

provided to demonstrate the main mechanisms and interactions that are expected to 

be represented in a numerical model. This theoretical description has been completed 

by the experimental characterization of the mechanical behavior of the boards. This 

experimental methodology has shown the influence of the hygrothermal content on the 

board behavior. The results have indicated that wetting causes a board strength 

reduction, whereas it increases the material toughness.  

A durability analysis has also been proposed to verify the mechanical behavior 

evolution of the boards over time. It has been demonstrated that after 3 years of natural 

exposition, the fiber cement boards presented a significant increase of strength, 

despite showing a ductility reduction. Nevertheless, a chemical analysis has been 

applied, and verified that the natural exposed sample was not fully carbonated yet, 

meaning that the natural aging process still continued even after 3 years of the fiber 

cement exposure. Finally, the shrinkage magnitude related to the combined 

carbonation and drying processes has been reported. The irreversible shrinkage can 

reach more than 5mm/m, whilst the reversible process represents around 2mm/m. The 

combination of both processes have been crucial to be considered in the board fixing 

design, in order to mitigate and reduce cracking risks. However, it has to be highlighted 

that the analyses were done without considering any joint treatment or monolithic 

coating. In the case of designs including closed joints and coatings, it is recommended 
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to assess the behavior of those materials, specially their elasticity and their ability to 

accommodate the moisture movement of the boards. Special designs or formulations 

may be required for the joints and coatings in case of high dimensional variation values. 

Aiming to simulate the mechanical behavior of this fiber cement material, three 

different numerical models have been tested and calibrated using the available 

formulations in the software ABAQUS. These models have shown how the different 

damage criteria and cracking simulation techniques can be used to represent the fiber 

cement behavior. The XFEM technique associated to a maximum stress damage 

criterion and a bi-linear cohesive zone model has provided acceptable results to predict 

the flexural behavior of the board, with a good agreement with the experimental data, 

even in the softening post-peak behavior. The same satisfactory results have been 

obtained using the Hashin model. However, none of those models have been able to 

capture the hardening post-peak, since their original crack propagation bi-linear 

formulation is based on linear elastic fracture mechanics. This gap has been mainly 

highlighted in the direct tensile test modeling. 

Indeed, the CDP model has proved to be the best indicated technique to 

represent the fiber cement behavior without the need of a discrete fiber modeling within 

the material. The use of the CDP formulation has provided positive results for the 

flexural and for the direct tensile board behavior, showing a good fit for both softening 

and hardening post-peaks. The inconvenience of this technique is that it demands 

more data than the others, such as some stress versus strain points to describe the 

elastic and the pseudo-plastic behaviors. 

Finally, it has been observed that the material strength defined by numerical 

models calibration is close to the values obtained experimentally. In the case of the 3-

point bending test, this assumption is true if using the LOP value as the material 

parameter for design. This result evidences that the MOR parameter, calculated as 

defined by several country standards, cannot be used for design purposes nor to 

predict the mechanical performance of the material. Since those equations are based 

on linear and non-damaged assumptions, they are limited until the LOP point. After 

this point, cracking is initiated and the material is no more linear or elastic. The MOR 

can, indeed, be used as a standard reference parameter to compare different boards, 

but it cannot be used for design purposes, since it is not a proper material parameter. 
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Fixing system 

A numerical study has been proposed to verify the minimum edge distances of 

fasteners that have to be respected to avoid cracking due to shrinkage. It has been 

demonstrated that the combination of an adequate pre-drilling and minimum edge 

distances is necessary to roughly reduce and mitigate cracking risks. 

The pullout of the fixings has been assessed by an experimental methodology 

that characterized the pull-trough behavior of two self-drilling screws. The screw 

without wing has shown a bigger strength, despite being a more stiffened connector.  

For each screw, a proper numerical model has been calibrated. A linear model 

has been proven to be sufficient to represent the winged connector, whilst a curvilinear 

model has been verified to be appropriate to simulate the non-winged screw pullout. 

Façade model 

The façade design parameters have been finally verified through a numerical 

analysis that is able to simulate the complete system behavior, including the board 

description and the connectors modeling. Different numerical routines have been 

created to simulate and to validate the façades parameters. For example, the 

numerical analysis has confirmed the choice of LSF stud profiles of 200 x 40 x 12 x 

0,95 spaced at each 400mm or 200 x 40 x 12 x 1,25 at each 600mm to ensure the 

structural performance of a 30-floor building façade. 

Regarding the other parameters, it has been demonstrated that the choice of 

studs spaced at each 600mm is not indicated due to the risk of the failure of the external 

board. Moreover, using the 400mm-stud configuration, the simulations have shown 

that the screw distance must be limited to 400mm at the most. If this distance is 

reduced to 300mm, the safety pullout factor increases from 1,05 to 1,28. 

In addition, it has been proven that the aging and the use of non-winged screws, 

combined with a pre-drilling process, can improve the mechanical performance of the 

façade. In this particular case, the suggested configuration ensures a proper façade 

system behavior, even in the most critical hygrothermal conditions, such as in a wetting 

case with a fully-saturated board. 
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Final statement 

It has been confirmed that the proposed numerical modeling strategy is able to 

simulate materials, connectors and the global façade behavior. The tools that have 

been created will help verify all the requirements of the framework suggested in this 

work. This way, a clear description and an operational strategy have been presented 

and validated to assess the mechanical behavior of a lightweight façade, allowing to 

optimize its design and to ensure its performance. 

However, all conclusions were drawn based on ideal conditions, in order to 

illustrate and to validate the applicability of the proposed assessment framework. It 

means that any imperfection, such as geometrical misalignments, fixing eccentricities 

or even the material variability, can create boundary conditions or loads that were not 

considered in this work. A rigorous quality control of the construction process is crucial 

to mitigate or avoid those imperfections. The number of variables and the use of 

manual work, instead of industrialized processes, hind this quality controlling, though. 

For this reason, each project has to be verified considering its particularities and the 

extrapolation of any conclusion demands a careful analysis or even a complementation 

from future researches. 

Suggestions for future researches 

As a complex subject, the study of a constructive system includes a lot of 

materials and different areas to be explored. In this work, the scope was limited by the 

numerical analysis of some of the façades components, such as the external board, 

the connectors and the structural frame. For this reason, in some areas of knowledge, 

only a few of initial inputs have been provided. Among those topics, it could be further 

examined in future works: 

 The impact of imperfections, such as fixing eccentricities, and material 

variability on the mechanical performance of the façade system; 

 The characterization of the joints and the coating behavior, including their 

numerical modeling, the definition of basic requirements and the 

validation of a design guidance for the different applications (closed 

joints, monolithic basecoats, etc.); 

 The impact of thermal variation on the façade system, considering 

thermal cycles of heating and cooling; 
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 The optimization of the internal pressure coefficients recommended for 

residential buildings, trough experimental and numerical analysis; 

 The development of a numerical model for the fiber cement board 

considering its multi-layer composition, the real fiber orientation and the 

delamination risk; 

 The validation of other numerical modeling strategies, such as the use of 

a discrete fiber representation, tri and multilinear cohesive models to 

simulate the fiber cement behavior; 

 The refinement of the carbonation curve and the carbonation rate, by 

correlating accelerated aging in laboratory to natural aging over time; 

 The instrumentation and monitoring of a real façade prototype to 

measure the reversible and irreversible dimensional variations; 

 The experimental characterization of other connectors to increase the list 

of available screws, and to include the assessment of the shear behavior 

of the fixings and the combined effect of bending and traction;  

 The analysis of larger façade panels to design joints and inserts; 

 The fire safety risk assessment of façades systems, to define the main 

requirements, to identify the critical components and to propose 

optimized solutions to mitigate the risk. 
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